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ABSTRACT

Semi-active concepts for helicopter vibration reduction are developed and evaluated in this
dissertation. Semi-active devices, controllable stiffness devices or controllable orifice dampers,
are introduced; (i) in the blade root region (rotor-based concept) and (ii) between the rotor and
the fuselage as semi-active isolators (in the non-rotating frame). Corresponding semi-active
controllers for helicopter vibration reduction are also developed. The effectiveness of the rotorbased semi-active vibration reduction concept (using stiffness and damping variation) is
demonstrated for a 4-bladed hingeless rotor helicopter in moderate- to high-speed forward flight.
The rotor blade is modeled as an elastic beam, which undergoes elastic flap-bending, lagbending, and torsional deformations, and is discretized using finite element analysis.
Aerodynamic loads on the blade are determined using blade element theory, with rotor inflow
calculated using linear inflow or free wake analysis. The stiffness variation is introduced by
modulating the stiffness of the root element or a discrete controllable stiffness device that
connects the rotor hub and the blade. The damping variation is achieved by adjusting the
damping coefficient of a controllable orifice damper, introduced in the blade root region.
Optimal multi-cyclic stiffness/damping variation inputs that can produce simultaneous reduction
in all components of hub vibrations are determined through an optimal semi-active control
scheme using gradient and non-gradient based optimizations. A sensitivity study shows that the
stiffness variation of root element can reduce hub vibrations when proper amplitude and phase
are used. Furthermore, the optimal semi-active control scheme can determine the combination of
stiffness variations that produce significant vibration reduction in all components of vibratory
hub loads simultaneously. It is demonstrated that desired cyclic variations in properties of the
blade root region can be practically achieved using discrete controllable stiffness devices and
controllable dampers, especially in the flap and lag directions. These discrete controllable
devices can produce 35-50% reduction in a composite vibration index representing all
components of vibratory hub loads.

No detrimental increases are observed in the lower

harmonics of blade loads and blade response (which contribute to the dynamic stresses) and
controllable device internal loads, when the optimal stiffness and damping variations are
introduced. The effectiveness of optimal stiffness and damping variations in reducing hub
iii

vibration is retained over a range of cruise speeds and for variations in fundamental rotor
properties. The effectiveness of the semi-active isolator is demonstrated for a simplified single
degree of freedom system representing the semi-active isolation system. The rotor, represented
by a lumped mass under harmonic force excitation, is supported by a spring and a parallel
damper on the fuselage (assumed to have infinite mass). Properties of the spring or damper can
then be controlled to reduce transmission of the force into the fuselage or the support structure.
This semi-active isolation concept can produce additional 30% vibration reduction beyond the
level achieved by a passive isolator. Different control schemes (i.e. open-loop, closed-loop, and
closed-loop adaptive schemes) are developed and evaluated to control transmission of vibratory
loads to the support structure (fuselage), and it is seen that a closed-loop adaptive controller is
required to retain vibration reduction effectiveness when there is a change in operating condition.
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Chapter 1

Introduction

1.1 Background and motivation
Helicopters play an essential role in today’s aviation with unique abilities to hover and take
off/land vertically. These capabilities enable helicopters to carry out many distinctive tasks in
civilian and military operations. Despite these attractive abilities, helicopter trips are usually
unpleasant for passengers and crew because of high vibration level in the cabin. This vibration is
also responsible for degradation in structural integrity as well as reduction in component fatigue
life. Furthermore, the high vibration environment may decrease the effectiveness of onboard
avionics or computer systems that are critical for aircraft primary control, navigation, and
weapon systems. Consequently, significant efforts have been devoted over the last several
decades for developing strategies to reduce helicopter vibration.
To develop a new helicopter vibration reduction method, it is essential to first understand the
origin and fundamental mechanics of helicopter vibration, which are summarized in Section 1.2.
A comprehensive review of previous helicopter vibration reduction schemes using both passive
and active strategies is also conducted and presented in Sections 1.3 and 1.4, respectively. This
suggests that passive vibration reduction concepts can produce modest performance (no power is
required), while incurring considerable weight penalty, and the designs are generally fixed with
no ability to adapt to any changes. Even though active vibration reduction methods can produce
relatively better performance and can adapt to changes in configuration or operating condition,
they usually require significant power to operate.

This leads to an effort to combine the

advantages of passive and active vibration reduction strategies into a recently developed “semiactive” approach, which is reviewed thoroughly in Section 1.5. Generally, the semi-active
method can produce better performance than purely passive approach, while using relatively
small power. However, most of the recent semi-active concepts are developed for broadband
1

vibration reduction applications, which are not directly applicable for helicopter use since
helicopter vibration is tonal or narrow-band in nature (helicopter vibration is concentrated at
some specific frequencies).

This motivates the development of a new helicopter vibration

reduction scheme using the semi-active concept.
1.2 Overview of helicopter vibration
Helicopter vibration generally originates from many sources; for example, transmission, engine,
and tail rotor, but most of the vibration comes primarily from the main rotor system, even with a
perfectly tracked rotor. Figure 1.1, which shows a typical vibration profile of a helicopter, as a
function of cruise speeds, demonstrates that severe vibration usually occurs in two distinct flight
conditions; low speed transition flight and high-speed flight. In the low-speed transition flight
(generally during approach for landing), the severe vibration level is primarily due to impulsive
loads induced by interactions between rotor blades and strong tip vortices dominating the rotor
wake (see Fig. 1.2). This condition is usually referred to as Blade Vortex Interaction (BVI). In
moderate-to-high speed cruise, the BVI-induced vibration is reduced since vortices are washed
further downstream from the rotor blades, and the vibration is caused mainly by the unsteady
aerodynamic environment in which the rotor blades are operating.

This highly periodic

aerodynamic environment creates large periodic variations in blade velocity and angle of attack,
and corresponding large periodic vibratory loads on the blades. Figure 1.3 shows, for example, a
typical variation in blade angle of attack around the azimuth for a high-speed forward flight. For
an extremely high-speed cruise, the vibration can be even more severe since the blades can
encounter shock on the advancing side (which generates large blade drag and pitching moment)
or stall on the retreating side (which results in sudden loss of lift) over every revolution. This
severe high vibration level and associated increases in rotor power generally limits the maximum
helicopter cruise speed.
Once the blade loads are generated, they are further transmitted into the non-rotating frame as
vibratory hub loads and then into the cabin as cabin vibration. Normally, sectional blade loads
are comprised of both aerodynamic and inertial contributions at harmonics of the rotor speed, Ω.
The aerodynamic component of blade loads is generated by periodic flow field around the
rotating blades, while the inertial component of blade loads is created by blade rotation
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(gyroscopic effect) and blade motion in flap, lag and torsion directions. The sectional inertial
and aerodynamic blade loads can be integrated along the blade length to obtain the blade root
loads, also at harmonics of Ω, as seen in Fig. 1.4a. These blade root loads from every blade are
summed at the rotor hub to yield hub loads. Since the rotor blades are assumed identical,
implying identical blade root loads with the phase shifted properly, most of the harmonics of hub
loads will be filtered (cancelled) out, except components at the frequencies of; 0, NΩ, 2NΩ,
3NΩ, etc., where N is the number of blades, (see Fig. 1.4b). The most significant component of
the vibratory hub loads is the NΩ or N/rev component, and the amplitudes of the higher
harmonic are progressively smaller. These hub loads are then transmitted through the helicopter
cabin via the transmission platform. The amount of vibration throughout the helicopter cabin
may vary, depending on the vibration characteristics of the fuselage itself.
1.3 Passive helicopter vibration reduction
Passive strategies have been employed extensively for reducing helicopter vibration. Most of the
passive strategies produce moderate vibration reduction in certain flight conditions, and only at
some locations in the fuselage (such as, pilot seats or avionics compartments). The major
advantage of the passive concepts is that they require no external power to operate. However,
they generally involve a significant weight penalty and are fixed in design, implying no ability to
adjust to any possible change in operating conditions (such as changes in rotor RPM or aircraft
forward speed). Examples of these passive vibration reduction strategies include tuned-mass
absorbers, isolators, and blade design optimizations.
Tuned-mass vibration absorbers can be employed for reducing helicopter vibration both in the
fuselage and on the rotor system. The absorbers are generally designed using classical springmass systems tuned to absorb energy at a specific frequency [1], for example at N/rev, thus
reducing system response or vibration at the tuned frequency (see Fig. 1.5). In the fuselage, the
absorbers are usually employed to reduce vibration levels at pilot seats or at locations where
sensitive equipment is placed. Without adding mass, an aircraft battery may be used as the mass
in the absorber assembly [2]. Vibration absorbers can also be integrated into the rotor hub system
(Fig. 1.6) or can be located on the blades themselves (Fig. 1.7). The absorbers are often designed
using a pendulum like configuration, with stiffness provided by centrifugal force. Various
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configurations have been developed; for example blade-mounted vertical plane pendulum
absorbers [3], dual-frequency pendulum absorbers [4], hub-mounted inplane bifilar absorbers
[5], dual frequency monofilar inplane absorbers [6], and single-frequency inplane roller
absorbers [7]. Many design tradeoffs have to be considered when using these absorbers on
helicopters for vibration reduction. Generally a sizable absorber mass is required for a good
performance. Furthermore, the effectiveness of the absorbers is highly dependent on frequency,
thus changes in rotor RPM may even produce increases in the vibration levels. Also, some
power is lost due to the additional aerodynamic drag produced by the absorbers in the rotor
system.
Vibration isolators typically are used in helicopters for reducing transmission of vibration from
the rotor to the fuselage. Normally the isolator and load-carrying member are designed as an
integrated unit for mounting the rotor/transmission assembly to the fuselage, as seen in Fig. 1.8.
These isolators are designed specifically to reduce transmission of vibration at specific frequency
close to N/rev [8]. Isolator designs range from using simple elastomeric material [9] to using
more complicated strategies such as a nodal beam configuration [10]. Extensive usage of the
passive isolators in helicopters has been limited due to many concerns. The most important issue
is the load-carrying capacity of the isolator unit, because the unit has to be able to withstand the
weight of the entire helicopter as well as its payload with some safety margin. For the nodal
beam concepts, the vibration reduction performance is restricted when allowable deflection of
the isolators is small [11].
Blade design optimization is another effective alternative for reducing helicopter vibration.
Rotor blade fundamental properties (such as structural and aerodynamic) are chosen optimally to
reduce overall vibration in the designing phase [12]-[16]. Examples of the design parameters
used are rotor tip sweep, taper, and anhedral, nonstructural mass distribution, structural stiffness,
elastic tailoring, and spar cross-sectional geometry.

Other variations to classical structural

design optimization strategies include dynamically tuned pushrods [17] and dynamically tuned
swashplates [18]. An advantage of using structural design optimization (over other passive
methods) is that no significant added mass is necessary for the resulting vibration reduction.
However, the vibration characteristic of the rotor blade and airframe may change during
operation depending on; the amount of fuel left in the fuel tank, the weight and location of
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payloads, rotor RPM, and aircraft speeds.

Therefore, the optimized configuration in one

condition may not produce vibration reduction in other conditions. This problem, though, is
common to all passive vibration reduction strategies.
1.4 Active helicopter vibration reduction
Active vibration reduction concepts have been introduced with the potential to improve vibration
reduction capability and to overcome the fixed-design drawback of the passive designs. The
majority of the active vibration reduction concepts aim to reduce the vibration in the rotor
system, and some active methods intend to attenuate the vibration only in the fuselage. In
general, an active vibration reduction system consists of four main components; sensors,
actuators, a power supply unit, and a controller. Based on the current vibration levels measured
by sensors, the controller calculates output action required to minimize the vibration. The output
action is carried out by actuators, with the power supplied by an external power supply unit.
Also, the controller can be configured to adjust itself for any possible change in operating
conditions using an adaptive control scheme.
In principle, this active strategy can be very effective in reducing helicopter vibration for most
operating conditions. However, many of the active vibration reduction techniques have never
been applied to production helicopters because of several reasons. Safety is one of the main
concerns because some methods utilize the primary control system of the aircraft (pitch links or
swash plate) for vibration reduction purpose. Also, some active concepts require electrical or
hydraulic slip rings, which are relatively bulky and are susceptible to failure, to transfer
significant amount of power to actuators located on the rotor system. Additional drawbacks
include requirement of high force actuators and considerable amount of power, a significant
weight penalty, stability issues pertaining to the active control system, and the very high pitch
link loads in some approaches.

The most commonly examined active vibration reduction

strategies include Higher Harmonic Control (HHC), Individual Blade Control (IBC), and Active
Control of Structural Response (ACSR).
1.4.1 Higher Harmonic Control (HHC)
The HHC concept has been explored extensively in many helicopter vibration reduction studies.
The main objective of this concept is to generate higher harmonic unsteady aerodynamic loads
5

on the rotor blades that cancel the original loads responsible for the vibration. The unsteady
aerodynamic loads are introduced by adding higher harmonic pitch input through actuation of the
swash plate at higher harmonics [19], [20]. Conventionally, the swash plate is used to provide
rotor blade collective and first harmonic cyclic pitch inputs (1/rev), which are controlled by the
pilot to operate the aircraft. In addition to the pilot pitch inputs, the HHC system provides higher
harmonic pitch inputs (for example; 3/rev, 4/rev, and 5/rev pitch inputs for a 4-bladed rotor)
through hydraulic or electromagnetic actuators, attached to the swash plate in the non-rotating
frame (see Fig. 1.9). The concept was examined extensively in many analytical studies (see
Refs. [21]-[28]).

With promising results obtained from some analytical studies, the HHC

concept was then examined experimentally and its effectiveness demonstrated in both wind
tunnel scale [29]-[33] as well as full scale helicopters [34]-[36]. Some of the key studies are
described in greater detail below:
In Ref. [23], Nguyen used 3, 4, and 5/rev pitch inputs to successfully suppress vibratory hub
shears for a 4-bladed hingeless rotor helicopter. In this analysis, the rotor blade was discretized
using finite element method. The aerodynamic loads were calculated using a nonlinear unsteady
aerodynamic model. A free wake model was considered for rotor inflow calculation. The
vehicle orientations/controls and blade responses were solved iteratively in a coupled trim
procedure. The vibration control scheme was based on minimization of a quadratic performance
index in which hub loads were included. The controller was a fixed-gain frequency-domain
controller whose gain was calculated based on a transfer matrix, which related HHC inputs to
vibratory hub loads. The results showed that the HHC controller was effective in reducing the
vibratory hub shears for most operating conditions. However, Nguyen observed that the required
HHC actuator amplitudes and power increased significantly at high forward speeds (above 100
knots), and the blade torsional loads and control system loads were increased considerably.
A successful wind tunnel demonstration of the HHC system was conducted by Shaw et al. [30].
The experiment was conducted in the Boeing Helicopter Wind Tunnel using a 3-bladed
dynamically scaled model rotor of the CH-47D helicopter. The rotor was instrumented to
measure blade loads through blade-mounted strain gauges. 2, 3, and 4/rev pitch inputs were
applied to reduce the 3/rev vertical, and 2, 4/rev in-plane root shears. Open-loop tests were
performed at several flight conditions to obtain the transfer matrices required for calculating
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gains of a frequency-domain controller. Both fixed- and scheduled-gain controllers were
considered. Again, the control scheme was based on minimization of a quadratic vibration
index. Closed-loop test results showed that the HHC system produced more than 90% reduction
in the 3 measured vibrations. The vibration reduction was demonstrated over a range of flight
conditions, up to a forward speed of 188 knots. However, small-to-moderate increases in blade
and control system fatigue loads were observed. The HHC input requirement for the reduction
was relatively large, with 2 and 3 degree peak pitch input requirements for the forward speeds of
135 and 188 knots, respectively.
A full-scale flight demonstration of the HHC system was carried out on a modified Sikorsky S76A helicopter [36]. All passive vibration reduction devices; for example the bifilars and
fuselage absorbers, were removed for the flight tests. HHC inputs (3, 4, and 5/rev) were
employed to reduce the 4/rev-fuselage vibration.

Electro-hydraulic actuators were used to

provide the HHC inputs. The vibration was measured using accelerometers located throughout
the aircraft. Open-loop test results showed significant reduction in fuselage vibration, while
moderate increases in blade and control system fatigue loads were observed. The vibration
reduction at forward speed above 100 knots was limited because of actuator constraints.
Even though HHC is shown to be highly effective in reducing helicopter vibration, there are
many associated drawbacks that have impeded the implementation of the HHC concept on
production helicopters. First of all, the HHC system uses the primary control system (swashplate
and pitch links) to transfer higher harmonic pitch inputs to the rotor blades. In the event of
failure of the HHC system, the pilot may not have full control of the aircraft. Also the HHC
system requires the use of hydraulic or electromagnetic actuators with sufficiently high force
output and high bandwidth to provide desired swashplate motion. Thus, considerable power is
required to operate the actuators. With the movement of the swash plate, causing the pitch link
to push or pull the blade to a desired pitch angle, it is easy to see that the pitch links are subjected
to large dynamic loadings that can be structurally detrimental.
1.4.2 Individual Blade Control (IBC)
IBC is another active strategy that has been widely explored for helicopter vibration reduction.
The main idea of IBC is similar to that of HHC (generating unsteady aerodynamic loads to
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cancel the original vibration), but with a different implementation method. Instead of placing the
actuators in the non-rotating frame (HHC concept), the IBC approach uses actuators located in
the rotating frame to provide, for example, blade pitch, active flap, and blade twist inputs for
vibration reduction
IBC concept using the blade pitch control can be implemented using electromagnetic or
hydraulic actuators connecting blade pitch horn and swash plate, replacing conventional pitch
links (Fig. 1.10a). Several studies on this approach were conducted at MIT, and are well
summarized in Ref. [37]. Full-scale wind tunnel tests of this system were conducted at the
NASA Ames Research Center [38]-[40]. Several flight tests of the IBC system for vibration
reduction have been conducted successfully [41], [42]. Detailed reviews of some of the studies
are presented below:
Full-scale wind tunnel demonstrations of the IBC system using blade pitch control were
conducted by Jacklin et al. in the NASA Ames 40- by 80-Foot Wind Tunnel [38]-[40]. The
rotor system was a 4-bladed BO-105 hingeless rotor. The rotor was instrumented to measure
blade loads through strain gauges. The pitch links were replaced by servo-actuators to provide
IBC pitch inputs. Results obtained for the open-loop tests showed that the hub vibration was
sensitive to IBC inputs. However, the pitch link loads were always higher than those without
IBC inputs, and increased with increasing IBC amplitude and frequency. Closed-loop test results
demonstrated that reductions in the dominant 4/rev hub vibration could be obtained
simultaneously using multi-harmonic IBC inputs.
Results of Full-scale flight tests of IBC system with blade pitch control for vibration reduction
were reported by Kube and Van Der Wall [41]. The tests were conducted with a modified
BO105 helicopter, using blade root pitch actuation system. The aircraft was instrumented
extensively with pressure gauges, accelerometers, and strain gauges to determine blade pressure
and displacement. The tests were carried out at various advance ratios. IBC pitch input was
limited to 0.5° and 1° for the 2/rev and 3/rev components, respectively. The results illustrated that
an appropriate 2/rev IBC input could produce 50% reduction in all fuselage vibrations, while the
3/rev IBC input could only produce 40% reduction in vertical vibration.
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Despite the promising performance of the IBC concept using blade pitch control for vibration
reduction, many practical concerns have to be addressed before this IBC system can be used in a
production helicopter. First and foremost, the system must be again fail-safe, which implies
minimal effect on primary aircraft control system in the event of system failure. Secondly this
concept requires the use of electrical or hydraulic slip rings to transfer a significant amount of
power to actuators in the rotating frame [43], and these have a high risk of failure if not properly
maintained
Another IBC concept using flap actuation is explored extensively for vibration reduction. This
concept uses a small flap on each blade to generate the desired unsteady aerodynamic loads for
vibration reduction (see Fig. 1.10b). This concept can be equally effective, but uses less power
than IBC system using blade pitch control [44],[45]. Also the location and size of the flaps can
be chosen optimally to increase efficiency of the flap system [46]. Another attractive feature of
the active flap is that the failure of the flap system does not compromise the aircraft primary
flight control system [45]. In general, deflection of the flaps can be provided by many types of
on-blade actuation using mechanical linkages [47], as well as modern smart materials actuators
(for example, Piezoelectric actuators [48]- [56] and Magnetostrictive actuators [57]-[59]). The
effectiveness of the Trailing Edge flaps for vibration reduction has been demonstrated both on a
hover stand [60] and in a wind tunnel [61]-[63], and is in a development phase for a future flight
demonstration [64]. A brief description of some key studies on the use of active flaps for
vibration reduction is provided below:
Millott conducted a thorough analytical investigation of vibration reduction using Actively
Controlled trailing edge Flaps (ACF) [44].

The analysis was conducted for a 4-bladed

helicopter. Two blade models fitted with ACF were considered; (i) fully coupled flap-lag-torsion
rigid blade model, and (ii) fully flexible elastic blade model using three flap modes, two lead-lag
modes, and two torsional modes. The aerodynamic loads were calculated using a quasi-steady
aerodynamic model incorporating reverse flow effect. The coupled trim and blade responses
were solved using the Harmonic Balance method. Again, the control scheme was based on
minimization of a quadratic vibration index, and the controller was a frequency-domain
controller with gain calculated using a transfer matrix relating ACF inputs to vibratory hub loads.
The results showed substantial reduction in vibration using the ACF controller, and the power
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requirement was between 4-16% of that required by a conventional IBC system. Some of the
results suggested that location of the flap had a strong influence on vibration reduction
effectiveness as well as power requirements. Also the flap size, span and chord length, showed
minor impact on effectiveness of ACF, but had a strong effect on power and input amplitude
requirements.
Another comprehensive vibration reduction study using trailing edge flaps was conducted by
Milgram [46]. This investigation considered a 4-bladed Sikorsky S-76 main rotor. The analysis
used a nonlinear aeroelastic rotor model, and unsteady compressible aerodynamic model. Blade
response was calculated using finite element method, with coupled wind tunnel trim. Once
again, a quadratic vibration index was minimized to yield the optimal flap control inputs, and a
frequency-domain controller was considered. The controller gain was calculated using a transfer
matrix relating multi-cyclic flap inputs to hub vibrations.

The flap inputs consisted of

components at 3, 4 and 5/rev. The results showed that either vibratory hub shears or hub
moments could be reduced using the active flap concept. The vibration reduction effectiveness,
which was dependent on flap parameters such as; flap length, flap location, and chord length,
could be compensated by appropriately adjusting flap inputs, provided that the flap had sufficient
deflection authority.
A wind tunnel demonstration of an active flap system was conducted by Dawson et al. [61]. An
active flap model rotor, used by McDonnell Douglas Helicopter Systems, was tested in the
NASA Langley 14- by 22-foot Subsonic Wind Tunnel open jet test section. The main objectives
were to examine the reduction of BVI noise and vibration. The flap actuation mechanism was
operated by a pretension cable attached between the hub and the active flap assembly. The
blades were instrumented with strain gauges to measure blade loads. The active flap inputs
included components at 3, 4, and 5/rev. Open-loop test results showed that the 5/rev flap input
produced significant reduction in vibratory pitch moment.
Although the flap actuation approach offers an excellent potential for vibration reduction, many
practical issues have to be addressed before the system can be used commercially. Power
transfer to the rotating blade is still an unavoidable challenge for the flap system. Also the
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actuation mechanism has to be sufficiently powerful to provide the required authority, yet small
enough to fit within blade the cavity, and strong enough to withstand immense centrifugal force.
Another IBC concept [65], similar to trailing edge flaps, is an actively controlled blade tip. By
varying the pitch of the blade tip at higher harmonics, unsteady aerodynamic loads that cancel
vibrations can again be generated. In Ref. [65], actuation of the blade tip was provided by a
piezoelectric beam that utilized bending-torsion coupling effect to generate pure torsion
deflection at the blade tip. A Froude-scaled blade model was fabricated and tested on a hover
stand. The results demonstrated that the blade tip could undergo pitch rotations of 2° in the
range of 2/rev to 5/rev (for 100 Volts actuation), and could provide corresponding vibratory blade
shear (vertical) of 10-20% of the nominal lift. This vibratory blade shear could then be used for
hub vibration reduction if the blade tip deflection was phased properly.
IBC concept using blade twist for vibration reduction has also been investigated recently. The
idea is to actively introduce elastic blade twist to generate unsteady aerodynamic loads for
vibration reduction. The entire blade can be twisted actively using smart materials embedded in
the rotor blades (Fig. 1.10c). There are many studies on the active blade twist concept conducted
jointly between NASA/ARMY/MIT [66]-[69].

An active-twist prototype blade was tested

recently on a hover stand at the NASA Langley Research Center by Wilbur et al. [68]. The
Active Twist Rotor (ATR) was an aeroelastically-scaled model rotor that was designed and
fabricated to incorporate piezoelectric Active Fiber Composites (AFC) into the blade composite
structure for providing active twist deformation. The hover tests showed good performance and
endurance characteristics of the ATR prototype. An analysis conducted using CAMRAD II
successfully predicted general trends of the ATR prototype. The active twist response of the
ATR prototype was estimated, using CAMRAD II, to be 0.75°-1.5° (depending on frequency)
when applying 1000-Volt sinusoidal input. The ATR blades have been tested recently at the
NASA Langley Transonic Dynamics Tunnel [69]. It was demonstrated that active twist control
could produce 60% to 95% reductions in fixed-frame vibration (using 1.1° to 1.4° active twist),
depending on flight conditions. Similar efforts to elastically twist the blade were conducted at
the University of Maryland [70]-[71] using embedded piezoceramic elements.
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While the active twist rotor technology can produce significant reduction in vibration, as in the
case of all IBC concepts it is impossible to avoid transfer of power to the rotor system through
slip ring. Power requirements are expected to be higher than those for active pitch links or
trailing edge flaps.

An additional concern includes shielding of all electronic parts from

moisture, to which the blades are exposed in normal operation.
1.4.3 Active Control of Structural Response (ACSR)
Unlike the HHC and IBC techniques that are intended to reduce the vibration in the rotor system,
ACSR approach is designed to attenuate the N/rev vibration in the fuselage, and is one of the
most successful helicopter vibration reduction methods at the present time. Vibration sensors are
placed at key locations in the fuselage, where minimal vibration is desired (for example, pilot
and passenger seats or avionic compartments). Depending on the vibration levels from the
sensors, an ACSR controller will calculate proper actions for actuators to reduce the vibration.
The calculated outputs will be fed to appropriate actuators, located throughout the airframe, to
produce the desired active forces (see Fig. 1.11). Commonly used force actuators include
electro-hydraulic, Piezoelectric, and inertial force actuators. Extensive studies on ACSR system
have been conducted analytically [72]-[74] and experimentally [75]-[78]. Successful flight tests
demonstrating the effectiveness of the ACSR concept have been conducted on a Westland 30
helicopter [79] and an UH-60 Black Hawk helicopter [80]. Recently, the ACSR technology has
been incorporated in modern production helicopters such as the Westland EH101 [81] and the
Sikorsky S-92 Helibus [82]. Some of the key studies on the ACSR approach for vibration
reduction are described briefly below:
Chui and Friedmann conducted an analytical investigation of helicopter vibration reduction using
the ACSR technique [74]. A coupled rotor/flexible fuselage model was developed to represent a
helicopter with a 4-bladed hingeless rotor. An ACSR platform, equipped with 4 force actuators,
was used to mount the rotor assembly into the fuselage. The elastic fuselage was represented by
a three-dimensional finite element model. The rotor blades were assumed to be fully flexible,
with coupled flap-lag-torsion dynamics. The aerodynamic loads were calculated using a quasisteady aerodynamic model, with inclusion of the reverse flow effect. Blade response and vehicle
trim solutions were obtained using Harmonic Balance method. The control scheme was based
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on a time-domain controller designed to reject disturbance. The vibration was modeled as a
single frequency disturbance to be rejected by the controller. The incoming disturbance
(vibration) was estimated, and the controller calculated an appropriate action to cancel it. The
results showed substantial reduction in the fuselage vibration.

In particular, fuselage

accelerations were reduced to the vibration level below 0.05g. However, substantial amounts of
control force were required to achieve the reduction.
An experimental investigation of ACSR system was conducted by Welsh et al. on a modified
Sikorsky S-76B helicopter [77]. The ACSR system accommodated up to 10 accelerometers,
monitoring airframe vibrations, and up to 4 servo force actuators. An adaptive controller was
used to calculate the ACSR actuator force outputs that minimized a quadratic vibration index. A
controller gain was calculated based on a transfer matrix (obtained off-line) relating ACSR
outputs to the sensed vibrations. The results demonstrated that the ACSR system was effective
in reducing airframe vibration, even with variations in the rotor RPM. Also, power consumption
of the system was significantly lower than that of HHC systems.
A flight test of an ACSR system was carried out on a Sikorsky S-92 helicopter [82]. The system
used 10 vibration sensors to measure vibrations throughout the fuselage, and several inertial
force generating devices provided active forces to the airframe. The force generating devices
were designed to operate using difference in centrifugal force of two counter-rotating wheels
with eccentric masses. The controller was an adaptive optimal controller, whose gain was
calculated based on a transfer matrix relating ACSR outputs to the sensed vibrations. The
transfer matrix was estimated on-line using a modified Kalman filter. Flight test results showed
that the ACSR system was effective in reducing fuselage vibration over ranges of forward speed
up to 150 knots.
While the ACSR approach offers significant vibration reduction performance for modern
helicopters, some concerns still exist. In order to reach satisfactory vibration reduction results,
ACSR system has to exert large forces (at frequency of N/rev) on the fuselage. The combination
of the large force with high frequency poses a threatening issue of local structural failure, near
the actuation points. Thus, the actuation locations have to be designed specially to accommodate
the large force without compromising structural integrity. Further, they also have to be chosen
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appropriately for maximum overall vibration reduction in the fuselage. This increases system
weight penalty (due to weight of the sensors, actuators, control system, and structural reenforcements). Also the ACSR system may require a large amount of power to operate its
actuators. In addition, the vibration reductions obtained may be localized at the sensor locations,
regardless of vibration levels elsewhere in the airframe, and the vibration levels in the rotor
system are left unaltered.
1.5 Semi-active vibration reduction technology
Semi-active vibration reduction concepts are developed to combine the advantages of both
purely active as well as purely passive concepts.

Like purely active concepts, semi-active

concepts have the ability to adapt to changing conditions, avoiding performance losses seen in
passive systems in “off-design” conditions.

In addition, like passive systems, semi-active

systems are considered relatively reliable and fail-safe, and require only very small power
(compared to active systems). Semi-active vibration reduction concepts have already been
investigated in several engineering applications but only very recently has there been any focus
on using them to reduce helicopter vibration. In the following sections, a brief description of the
semi-active vibration reduction concept is first provided (Section 1.5.1), followed by comparison
between semi-active and purely active systems (Section 1.5.2) and examples of semi-active
vibration reduction in other engineering applications (Section 1.5.3). Finally, application of
semi-active concepts to the helicopter vibration reduction problem is addressed (Section 1.5.4).
1.5.1 Overview of semi-active vibration reduction concept
Semi-active strategies achieve vibration reduction by modifying structural properties, stiffness or
damping, of semi-active actuators. Examples of these semi-active actuators include controllable
orifice dampers, controllable magneto-rheological (MR) or electro-rheological (ER) devices, and
friction controllable bearings [83]-[84]. Power required to change properties of these devices is
usually very small, since the property modification process incurs very little or no mechanical
resistance. By modulating properties of such devices, “semi-active forces” can be generated
across the semi-active actuators.

These semi-active forces are generally proportional to a

product between the change in structural properties and system responses; for example, ∆Kx and
∆C x& for stiffness and damping variation respectively, and are sometimes called bilinear forces.
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With a proper controller to calculate the semi-active inputs (∆K or ∆C), the semi-active force can
be exploited for vibration reduction. However, the semi-active control algorithms tend to be
more complex, since the semi-active control system is now non-linear because of the controllable
bilinear forces.
1.5.2 Comparison between active and semi-active concepts
Both active and semi-active vibration reduction systems are comprised of similar basic
components; sensors, actuators, and a controller. The fundamental concept of active and semiactive approaches is virtually identical. The controller calculates required action for minimizing
the vibration measured by sensors. The corresponding action is then carried out by actuators.
Major differences between active and semi-active concepts are their actuators and associated
controllers. Active actuators generally provide direct active force, while semi-active actuators
generate indirect semi-active force through property modification. Correspondingly, the
controllers for both active and semi-active systems have to be different, because of the
differences in the required output actions. The semi-active controller is definitely more complex,
since it has to cope with the bilinear semi-active forces.
There are several advantages for using the semi-active concepts over the active concepts. First
of all, power requirement of the semi-active approaches is typically smaller than that of the
active methods. This is because active actuators generate direct force to overcome the external
loads acting on the system, while semi-active actuators only modify the structural properties of
the system. Secondly, control system stability is almost guaranteed for the semi-active concepts,
since virtually no external power is introduced into the semi-active control system. Lastly, there
may be less concern for actuator saturation in semi-active systems than the active systems, when
the vibration level increases. This is due to corresponding increases in system response and thus
the bilinear semi-active forces, without increasing the semi-active inputs.
1.5.3 Semi-active vibration reduction applications
With the advantages of the semi-active concepts, there has been much interest in using the semiactive approach for vibration reduction in recent years, especially in automobile suspensions and
earthquake protection applications. This section describes some of the studies on these subjects.
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In the automobile industry, the semi-active suspension system has been developed for enhancing
suspension performance to reduce effect of road vibration on the passengers [85]. The system
usually employs controllable damper devices in the suspension system for generating semi-active
force. Several analytical studies on this subject have been conducted with satisfactory results
[86]-[92]. There are also numerous experimental studies on the semi-active suspension system
[93]-[97]. In addition, many automobile companies such as Ford Motor Co. [98], Toyota Motor
Co. [99], and Nissan Motor Co. [100] are interested in semi-active suspension systems.
One successful study of the semi-active suspension system was conducted by Yi, Wargelin, and
Hedrick [88]. A quarter car semi-active suspension model was considered (see Fig. 1.12). The
semi-active suspension was modeled as a controllable damper that can produce a bilinear semiactive force dependent on the product of the suspension velocity, x& , and control input, v. Using a
transformation, u = v x& (such that the semi-active force is now proportional to the new control
variable, u), the system equations of motion were now linear. For this resulting linear system,
the controller gain, G, was calculated by solving a conventional optimal control problem.
Having found the controller gain, the temporary control variable, u, was computed by
multiplying the gain and the system state vector (u = G⋅x). Then the actual semi-active control
input was calculated as;
v = u/ x& = G⋅x / x&

(1.1)

However, this optimal semi-active control action required very large control inputs when the
suspension velocity was close to zero. For practical purposes, control input limitations were
imposed by clipping at prescribed upper and lower limits. This control algorithm was often
referred to as a clip-optimal controller. The controller was then extended to incorporate an
observer, since all system states could not be measured. The numerical and experimental results
suggested that the semi-active suspension system showed good performance in reducing
dynamic tire force.
In earthquake protection applications, the semi-active system has been designed to reduce the
effect of huge seismic energy induced by ground movement on a civil structure. Generally the
system uses controllable orifice and MR devices for absorbing significant amount of energy that
otherwise would have destroyed the structure. Another concept includes the use of special
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variable stiffness members, which can be engaged or disengaged depending on a control signal
[101]. Since power failure is likely to occur during a seismic event, many of the earthquake
protection systems are purposely designed to operate on battery power. Many studies on this
subject have been conducted analytically [102]-[106] as well as experimentally [107]-[110].
One of the experimental investigations of semi-active seismic protection systems was conducted
by Symans and Constantinou [109]. The experiment used semi-active controllable orifice fluid
dampers to control seismic response of a three-storey scale-model building. Shaking table tests
were performed to simulate seismic excitations. The structure model building was modified to
add semi-active dampers in the lateral bracing located in the first storey (Fig. 1.13a). The semiactive fluid damper was a modified conventional monotube damper with accumulator (Fig.
1.13b).

The piston head orifices were designed specially to yield force output that was

proportional to the relative velocity of the piston head and the damper casing. An external
control valve was added for adjusting the damping characteristic of the semi-active damper.
This semi-active damper was tested experimentally to yield linear damping behavior with an
adjustable damping coefficient. The highest damping was associated with a fully closed external
valve position, while the lowest damping was related to a fully opened external valve position.
The intermediate valve positions were tested to yield a calibration curve that linearly related the
valve position (semi-active command input) to damping coefficient (Fig. 1.13c). Two controller
algorithms were examined; (i) optimal control algorithm, and (ii) nonlinear sliding mode control
algorithm.

The optimal control approach followed the clipped-optimal approach described

earlier in the study of semi-active suspension system by Yi et al [88]. The results obtained from
this study showed that the semi-active damper control system improved structural response of
the building dramatically. The reduction in response obtained using this semi-active system was
similar to that achieved by a well-designed passive damping system. An improvement could be
made if the semi-active control algorithm were designed to incorporate control action limitations
at the outset, rather than clipping the optimal control inputs that did not consider actuator
limitations.
Another experimental study on seismic protection using semi-active approach was conducted by
Dyke et al. [110]. The experiment was set up to demonstrate the effectiveness of MR dampers
for semi-active structural response control of a three-storey model building. In the experiment, a
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MR damper was installed between the ground and first floor (see Fig. 1.14a and Fig. 1.14b).
Many sensors were used to measure necessary variables for the system. Accelerometers were
located on all floors to provide response measurements, a linear variable differential transformer
(LVDT) was used to measure displacement of the MR damper, and a force transducer was
employed to determine the control force applied to the structure. Again, the clipped-optimal
control algorithm based on H2/LQG strategy was considered to obtain desired output force from
the MR damper. Using the force transducer, another subsystem would control the MR damper
force to match the desired output force. To control the damper force, the subsystem used an
electrical signal to increase or decrease the magnetic field applied to the damper so that the
output damper force would increase or decrease, respectively (see also Fig. 1.14c). The results
showed that the MR damper effectively reduced both the peak as well as the RMS response of
the structure due to seismic excitations. In all cases, the semi-active system outperformed
passive systems in reducing the structural response.
The above discussions clearly demonstrate the success of semi-active vibration reduction
strategies in several practical applications.

In addition, several semi-active controllers for

vibration reduction were developed, but only for broadband applications. Detailed analyses of
various semi-active actuators (including MR fluid devices and variable orifice dampers) were
also conducted. These analyses are essential in applying the semi-active technology to helicopter
application.
1.5.4 Helicopter vibration reduction using semi-active approach
There have been only a few studies focused on semi-active vibration reduction of helicopters.
The approach can be implemented by using semi-active actuator to modifying structural
properties of the rotor blade. Such an approach was first examined using variation in effective
root torsion stiffness of the rotor blade to reduce the N/rev blade root vertical shear force [111][113].
First, Nitzsche introduced the concept of stiffness variation by analytically modifying blade root
boundary condition from hinged (zero stiffness) to flexible (finite stiffness) to cantilever (infinite
stiffness) in flap and torsion directions [111]. In this analysis, a BO-105 type dynamically scaled
model rotor was considered and the rotor properties were experimentally obtained at the
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German-Dutch Wind Tunnel (DNW). The rotor blade was assumed to undergo flap-bending and
elastic torsion deformation, without any coupling between the flap and torsion modes. Blade
aerodynamic loads were calculated using blade element theory, and the effect of compressibility
and Blade Vortex Interaction was neglected. Based on a parametric study, the 1, 3, and 5/rev
variations in blade torsion stiffness were effective in reducing the 4/rev blade torsion response.
In Ref. [112], Nitzsche analytically applied 3/rev variation in blade effective torsion stiffness to
reduce the 4/rev blade flapwise bending and torsional responses of a 4-bladed rotor. The rotor
was similar to that considered in Ref. [111].

A low speed descent flight condition was

considered. The rotor pitch input was obtained from the wind tunnel tests. Elastic flap bending
and torsion deformations of the blade were considered.

Blade aerodynamic loads were

calculated from two sources; (i) motion-dependent loads, and (ii) loads that were not motion
dependent. The motion-dependent aerodynamic loads were calculated using quasi-steady blade
element theory. The aerodynamic loads that were not dependent on blade motion, including
BVI, dynamic stall, and compressibility effects, were calculated using rigid blade assumption.
The steady state blade responses were obtained using numerical integration. The open loop
results showed that the 3/rev torsion stiffness variation produced significant reduction in the
4/rev blade flap bending and torsional responses.
Subsequently, Nitzsche conducted another study to develop a frequency domain controller for
vibration reduction using variations in flap and torsion stiffness [113].

The rotor model

considered was similar to that in his previous study [112]. However, an improved aerodynamic
model was considered. Blade aerodynamic loads were obtained again from motion and nonmotion dependent contributions. The motion-dependent aerodynamic loads were calculated
using a modified unsteady aerodynamic theory that accounted for reverse flow, compressibility,
and finite span effects. The aerodynamic loads that were not dependent on blade motion,
including BVI and dynamic stall effects, were calculated using a rigid blade assumption, as
before. The steady state blade responses were computed using harmonic balance method. A
frequency domain controller was set up for the disturbance (vibration) rejection problem.
However, no detailed information about controller design or its effectiveness in reducing
vibration was presented.
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1.6 Focus of the present research
The focus of this dissertation is to develop, and evaluate the effectiveness of, semi-active
approaches (through the use of controllable stiffness and controllable damping devices) in
reducing helicopter vibration in moderate- to high-speed flight. To achieve this, several specific
tasks are conducted;
The first task involves evaluating sensitivity of hub vibration to cyclic changes in stiffness of the
blade root region. The rotor blades are spatially discretized using Finite Element Method.
Stiffness variation input is introduced by analytically modifying the effective flap/lag/torsion
stiffness of the entire root element of the blade. The influence of single harmonic stiffness
variation (flap, lag, and torsion) on hub vibrations is examined extensively. The effect of phase
and amplitude of the stiffness variation on hub vibration are also investigated. In addition,
several issues are also considered; such as, identifying vibration reduction mechanism, changes
in blade root loads, and changes in vibration reduction effectiveness with forward speed.
The second task focuses on the development and evaluation of a semi-active controller (openloop) for helicopter vibration reduction using multi-cyclic stiffness or damping variations. The
semi-active control scheme is formulated using optimal control theory in the frequency domain.
Both gradient- and non-gradient-based optimizations are applied to determine optimal semiactive inputs that minimize all components of hub vibration simultaneously. The effectiveness
of the semi-active controller is also evaluated when rotor fundamental properties and forward
speeds are varied.
The third task takes a step toward practical implementation of this concept with introduction of
discrete controllable stiffness as well as damping devices into the root region of the rotor blades.
The controllable dampers are introduced because of several reasons – (i) extensive availability of
the controllable dampers and (ii) large controllable damping authority. There is additional
appeal for using controllable dampers since almost all helicopters already have passive lag
dampers installed for aeromechanical stability augmentation, and replacing them with semiactive controllable dampers may be a relatively simple proposition. It should be noted that the
introduction of these discrete devices in the blade root region creates multiple load paths for
transfers of loads to the rotor hub. The effectiveness of multi-cyclic variation in stiffness and
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damping of these discrete semi-active devices on hub vibration reduction is determined. The
corresponding changes in blade root loads, damper loads, and blade responses are also examined.
The effectiveness of the discrete semi-active devices is also evaluated when rotor fundamental
properties, device attachment geometry and sizing, and forward speeds are varied.
The final task in this present research involves the development and evaluation of another
possible application using semi-active devices for helicopter vibration reduction by introducing
the devices as isolators to reduce transmission of vibratory loads to the fuselage. A single degree
of freedom system is used to represent the semi-active isolation system, which consists of a
lumped mass (representing the rotor), under harmonic excitation, supported by a spring and a
parallel damper on fixed support (representing the fuselage). Properties of the spring or damper
can be varied to reduce transmission of the harmonic force into the support structure. The proper
variation in the properties (stiffness or damping) is determined using; (i) open loop, (ii) closedloop, and (iii) closed-loop adaptive control schemes. Effectiveness of the semi-active isolation
system is examined even when there is change in the phase of excitation force.
1.7 Overview of dissertation
The remainder of this dissertation is organized into four parts. The first portion describes the
analysis methods used to simulate helicopter vibration and development of an open-loop semiactive vibration controller.

Chapter 2 outlines basic formulation of blade and helicopter

equations in the presence of stiffness and damping variation devices, and procedure for solving
the equations. The development of an optimal semi-active controller is provided in Chapter 3.
The second part presents the vibration reduction results achieved using – (i) blade root stiffness
variation, with preliminary study presented in Chapter 4 and optimal control study presented in
Chapter 5, (ii) discrete controllable stiffness devices (Chapter 6-7), and (ii) discrete controllable
dampers (Chapter 8). The third part presents development and results of semi-active isolation
system (Chapter 9). In the final chapter, conclusions and recommendations for future work are
discussed.
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Vibration

Forward Speed
Figure 1.1: Helicopter vibration profile at various forward speeds
BVI event

Figure 1.2: Blade Vortex Interaction (BVI) schematic
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Figure 1.3: Angle of attack variation at a high-speed forward flight
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Figure 1.4: Frequency analysis of normalized vibration of a four-bladed helicopter in (a)
the blade [rotating frame] and (b) the fuselage [non-rotating frame]
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(no absorber)

N/rev
Frequency
Figure 1.5: Frequency response of a dynamic system with and without an absorber

Figure 1.6: Hub mounted in-plane bifilar absorber (from Ref. [5])

Figure 1.7: Blade mounted mass pendulum absorber (from Ref. [3])
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Elastomeric Pads

(a)

(b)

Figure 1.8: Helicopter vibration isolators; (a) Isolation platform with elastomeric pads
and (b) Nodal beam (from Ref. [10])

HHC Actuators

Figure 1.9: Schematic of a Higher Harmonic Control (HHC) system
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Active Flaps

(b)

Blade Twist Actuators

(c)
Figure 1.10: Schemetics of Individual Blade Control (IBC) systems using
(a) blade pitch, (b) active flap, and (c) blade twist controls
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ACSR
Force Actuators

(a)

(b)

Figure 1.11: Schematics of Active Control of Structural Response (ACSR) systems using
force actuators located in (a) engine platform and (b) cabin (from Ref. [82])
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Figure 1.12: Schematics of (a) a semi-active suspension model and (b) a semi-active
controllable damper (from Ref. [88])
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Figure 1.13: Schematics of (a) a building model for sesmic testing and (b) a semi-active
controllable orifice damper, and (c) calibration curve of the controllable damper (from
Ref. [107])
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Figure 1.14: Schematics of (a) a building model for sesmic testing and (b) a semi-active
MR damper, and (c) MR damper characteristic (from Ref. [110])
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Chapter 2

Analysis

This chapter describes mathematical models used in this dissertation to represent a 4-bladed rotor
helicopter with controllable stiffness and damping devices. Fundamental helicopter and rotor
equations (without any controllable semi-active devices) and associated solution procedure are
discussed in Section 2.1.

Modifications of the basic rotor equations and blade root load

calculation with the introduction of stiffness and damping variations are presented in Section 2.2
and Section 2.3, respectively. Section 2.4 explains the underlying influence of the semi-active
stiffness and damping variation on blade response, blade root loads, and hub vibration.
2.1 Helicopter/Rotor modeling and response calculation
The analytical model used in this dissertation is based on the University of Maryland Advanced
Rotorcraft Code (UMARC) formulation [114]. A four-bladed helicopter is simulated, with the
blades assumed to undergo elastic flap, lag bending and elastic torsion deformations. The
following sections explain briefly the basic formulation of helicopter and blade equations and the
corresponding methods for solving the equations.
2.1.1 Helicopter model
In this dissertation, a four-bladed BO-105 type hingeless rotor helicopter model is used. The
fuselage is modeled as a rigid body in a level flight with associated loads from the rotor system,
horizontal tail, tail rotor, and the fuselage itself (see Figure 2.1). Hub loads from the rotor
system are discussed in greater detail in Section 2.1.4. The other loads on the fuselage are
presented in Appendix A for completeness. In a level flight, it can be deduced that all forces and
moments exerted on the helicopter are in equilibrium. Helicopter equilibrium equations at the
rotor hub are presented in Eq. 2.1.
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(2.1)

This set of equations is then solved for equilibrium state (all forces and moments at the rotor hub
are zero), with the solution procedure presented in Section 2.1.3.
2.1.2 Rotor blade model
All four blades are assumed to be identical with uniform properties along the blade length, and
are assumed to undergo elastic flap-bending, lag-bending, and torsional deformations. Each
blade is spatially discretized using Finite Element Method, and the blade equations are
transformed into modal space using modal reduction method.

A brief description of the

derivation of the blade equations is given below:
The blade governing equations are derived using the Hamilton’s principle in conjunction with
Finite Element Method. The formulation starts with generalized Hamilton’s principle (Eq. 2.2);
δΠ =

t2

∫ (δU − δT − δW )dt = 0

(2.2)

t1

where δU is the variation of strain energy, δT is the variation of kinetic energy, and δW is the
virtual work done by external forces. A complete detail derivation of the strain energy, kinetic
energy, and virtual work can be found in Ref. [114]. In this study, the blade elastic extension is
neglected, since the blade extension stiffness is extremely high.
Using the Finite Element Method, the blade is discretized into a number of beam elements (see
Fig. 2.2). Each beam element has eleven Degree of Freedoms (DoF’s); 4 flap, 4 lag, and 3
torsional DoF’s. These elements assure physical continuity of blade displacement and slope for
flap and lag bending, and continuity of blade elastic twist. Within the element, bending moments
and torsional moment are assumed to vary linearly. The displacement field within the element
can be obtained through interpolations using FEM modeshapes and the nodal DoF’s. Using this
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in Eq. 2.2, the variations in kinetic and strain energy of an ith element can be written in a matrix
form as

(δU − δT )i

= δq iT (M&q& + Cq& + Kq − F)i

(2.3)

where Mi, Ci, Ki, and Fi are structural mass, damping, stiffness matrices, and load vector of the ith

{

}

element, respectively, and q iT = v1 , v1′ , v 2 , v′2 , w1 , w ′1 , w 2 , w ′2 , φˆ 1 , φˆ 2 , φˆ 3 is the elemental DoF vector
for the ith element. These elemental structural matrices and load vector are summarized in
Appendix B.
To calculate the virtual work of the ith element, aerodynamic forces and moments on the blade
element are determined using a quasi-steady aerodynamic model. In this model the airloads are
functions of the instantaneous angle of attack of the blade section. The sectional angle of attack
is determined based on the local blade pitch angle, the blade and wind velocities, which includes
rotor inflow calculated using either a linear inflow model [115] or a Free Wake analysis [116].
A brief description of both inflow models is presented in Appendix C. The effect of fluid
compressibility is accounted for by using the Prandl-Glauert factor. In reverse flow region, the
aerodynamic center of the airfoil is shifted from the quarter chord to three-quarter chord. Using
this method the variation in virtual work of the ith element can be written as

(− δW )i

(

= δq iT − F A

)

(2.4)

i

where FA is the aerodynamic load vector, and it is summarized in Appendix D.
After obtaining the elemental matrices and load vectors for every element on the blade, using the
Gaussian numerical integration method, the global non-linear equations of motion are assembled
as follows:
t2

(

)

δΠ = ∫ δq T M&q& + Cq& + Kq − F − F A dt = 0

(2.5)

t1

N

N

N

N

N

N

i =1

i =1

i =1

i =1

i =1

i =1

where q = ∑ q i , M = ∑ M i , C = ∑ C i , K = ∑ K i , F = ∑ Fi , and F A = ∑ FiA .

In the

assembling process, compatibility of the global DoF, q, between adjacent elements must be
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insured, and the geometric constraints are enforced. The procedure is shown graphically in Fig.
2.3 for the global mass matrix.
In Eq. 2.5, since the virtual displacements, δq, are arbitrary, the integrand must be zero. This
gives the blade governing equations of motion as follows:
M&q& + Cq& + Kq = F + F A

(2.6)

In general, this set of equations involves many DoFs (30 DoFs to represent a rotor with 5 beam
elements). To reduce computational time, the blade equations are transformed into modal space
using the eigenvectors of Eq. 2.7.
M&q& + Kq = 0

(2.7)

A number of fundamental flap, lag, and torsional modes (with the total number of 6 or 10 modes)
are chosen to represent the rotor blade. Using the eigenvectors associated with the selected
modes, Φ, the blade equations of motion in modal space can be written as
M&p& + Cp& + Kp = F

(2.8)

where q = Φp , M = Φ T MΦ , C = Φ T CΦ , K = Φ T KΦ , and F = Φ T (F + F A ) .
2.1.3 Coupled rotor response/trim calculation
Rotor response and vehicle trim (vehicle orientation and controls) are obtained in an iterative
process. First, with an initial guess value of vehicle trim, the rotor response is calculated. From
this initial response, steady rotor forces and moments can be obtained (see Section 2.1.4 for
detail). These rotor loads are used in vehicle equilibrium equations (Eq. 2.1) to determine
whether the helicopter is in an equilibrium state or not. If not, the vehicle trim will be updated
accordingly, and the rotor response will be calculated again with the updated trim. The whole
process repeats until vehicle equilibrium is satisfied.

The procedure for evaluation of the

coupled trim–rotor response problem is summarized in a flowchart presented in Fig. 2.5.
Rotor blade response is calculated using Finite Element in time method based on the Hamilton’s
principle, and the detailed procedure of blade response calculation is summarized in Appendix E.
Blade equations are transformed into first order form and discretized using Finite Element in
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time method (see Fig. 2.4). The blade response is solved using the Newton’s method for solving
non-linear equations.
Vehicle trim is obtained using again the Newton’s method, which is outlined in detail in
Appendix F. Rotor responses, hub loads, and equilibrium equations (Eq. 2.1) are first evaluated
for an initial guess value of vehicle trim. If the vehicle is not in equilibrium state, the vehicle
trim will be updated based on the residual of the equilibrium equations. The new responses and
hub loads are again calculated using the updated trim. This process is repeated until a vehicle
trim that satisfies the equilibrium equations is determined.
2.1.4 Blade root loads and hub loads calculation
Once the blade responses are known, the blade root loads can be determined using a force
summation method. Then rotor hub loads are obtained by summing blade root loads from every
blade in the rotor system.
Blade root shear forces and moments can be obtained by integrating blade aerodynamic and
inertial loads along the length of the blade. Most of the blade aerodynamic and inertial loads are
already calculated for the blade equations (Eq. 2.6). In fact, Eq. 2.6 may be used to calculate
blade root loads with some adjustment, since it includes terms related to elastic strain energy, as
well. After removing the elastic strain energy related terms, all remaining terms (which are
related to only aerodynamic or inertial loads), are combined to yield the blade nodal load vector
∗

∗

S = M&q& + Cq& + K q − F− F A
∗

(2.9)

∗

where K and F are the modified stiffness matrix and structural load vector, respectively (with
all elastic strain energy related terms removed). This nodal blade load vector contains integrated
aerodynamic and inertial loads for all degree of freedoms ( w , w ′, v, v ′, and φˆ ) at every finite
element node. Examples of these nodal force and moment are shown in Figure 2.6 and Figure
2.7, respectively. The blade root loads can be calculated by summing contributions from the
blade nodal forces and moments along the blade span as
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# of nodes

∑

Sx =

k =1

f xk

# of nodes

∑

Sz =

k =1

f zk

# of nodes

∑

Mφ =

k =1

mφk

(2.10a)

# of nodes

∑

Mβ =

k =1

# of nodes

m βk

# of nodes

∑

Mζ =

k =1

∑

+

k =1
# of nodes

mζk +

∑

k =1

k −1

f zk ( ∑ l n )
n =1

k −1

f xk ( ∑ l n )
n =1

The blade root radial shear, Sr, is calculated separately by integrating aerodynamic and inertial
radial forces along the blade as
1

&& ′ + 2θ&1 ) sin θ1 ] + Lu }dx
S r = ∫ {− m[u&& − 2v& − x + e g (v ′ − v&&′) cos θ 1 + e g ( w′ − w

(2.10b)

o

where the aerodynamic radial force, Lu, is defined in Eq. D.2a. All components of the blade root
loads are shown graphically in Figure 2.8.

Once blade root loads are calculated, hub forces and moments can be obtained (using a proper
transformation shown in Fig. 2.9) by summing the root loads from every blade as follows;
N

Fx = ∑ S ri cosψ i + S xi sinψ i
i =1
N

F y = ∑ S ri sin ψ i − S xi cosψ i
i =1
N

Fz = ∑ S zi

(2.11)

i =1
N

M x = ∑ M φi cosψ i + M βi sinψ i
i =1
N

M y = ∑ M φi sin ψ i − M βi cosψ i
i =1
N

M z = −∑ M ζi
i =1
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where N is the number of blades. Using Fourier transformation, these hub loads are then
expressed as steady hub loads (which are required in vehicle trim calculation) and vibratory hub
loads.

2.2 Rotor blade stiffness variations
In this dissertation, harmonic variations in effective flap/lag/torsion stiffness of rotor blade are
introduced for hub vibration reduction. The variations in the effective stiffness are examined in
two different ways; (i) varying the stiffness of the entire root element of the blade and (ii)
varying stiffness of discrete controllable stiffness devices attached near the blade root.
2.2.1 Root element stiffness variations
The effective stiffness of the entire root element is assumed to vary cyclically (see Fig. 2.10),
about their baseline values, as follows:

EI βRoot (ψ ) = EI β

Root

EI ζRoot (ψ ) = EI ζ

Root

GJ Root (ψ ) = GJ

Root

[
]
+ ∑ [∆EI sin(nψ + φ )]
+ ∑ [∆GJ sin(nψ + φ )]
N

+ ∑ ∆EI βnp sin(nψ + φ n )
n =1
N

n =1
N

np
ζ

n

(2.12)

np

n

n =1

In the above relations, “n” represents the frequency of the cyclic variations in stiffness (n = 1
implies 1/rev variations in stiffness, n = 2 implies 2/rev variations, etc); and φn, represents the
phase angle of the cyclic variations in stiffness at n/rev.

The amplitudes of the stiffness

variations, ∆EIβnp, ∆EIζnp, and ∆GJnp, are expressed in percentage of their baseline values
Root

( EI β

Root

, EI ζ

, and GJ

Root

, respectively).

These root stiffness variations are then incorporated into the blade equations (Eq. 2.6), which are
solved for the corresponding blade responses. In the response calculation process, it is seen that
the blade equations (Eq. 2.6) are evaluated at various azimuthal positions. At any azimuthal
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position, ψ, the stiffness of the root element of the blade is calculated using Eq. 2.12. With these
stiffness variations, the elemental stiffness matrix (Eq. B.2) of the root element is modified as

[K (ψ )]Root = [K ]Root + [∆K (ψ )]Root

[]

where K

Root is

(2.13)

the baseline elemental stiffness matrix of the root element and [∆K (ψ )]Root is the

stiffness matrix of the root element associated with the stiffness variation. This modified root
element stiffness matrix is assembled to yield modified blade equations, Eq. 2.14.

{

}

Mq&& + Cq& + K + ∆K (ψ ) q = F + F A

(2.14)

where ∆K (ψ ) represents the component of the stiffness matrix with periodically varying terms
due to the root element stiffness variation. The modified blade equations are then solved to yield
the corresponding blade response using the procedure described in Appendix E.
Blade root loads and hub loads are calculated correspondingly from the modified blade response.
The procedure outlined in Section 2.1.4 is directly applicable, since blade stiffness is not
required in calculating blade root loads and hub loads.
2.2.2 Stiffness variations of discrete devices
In practice, variations in the effective stiffness of the blade root region can be achieved through
discrete controllable stiffness devices introduced near the root region of the blade (see schematic
sketch, Fig. 2.11). Examples of these discrete devices are controllable orifice devices and
controllable frictional bearing. The stiffness of these devices is assumed to vary as follows:
n

[

K w (ψ ) = K w + ∑ ∆K wnp sin(nψ + φ nw )
i =1
n

[

]

[

]

K v (ψ ) = K v + ∑ ∆K vnp sin(nψ + φ nv )
K φ (ψ ) = K

i =1
n

φ

]
(2.15)

+ ∑ ∆K φnp sin(nψ + φ nφ ) .
i =1

Again, “n” represents the frequency of the stiffness variations, and “φn” represents the phase
angle of the stiffness variation at n/rev. The amplitudes of flap, lag, and torsion spring stiffness
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variations, ∆Kw, ∆Kv, and ∆Kφ are expressed as percentages of their baseline values ( K w , K v ,
and K φ respectively). It can be deduced from Fig. 2.11 that the flap controllable stiffness
device contributes significantly to both translational and rotational stiffness of the blade in the
vertical direction (due to device attachment geometry).

Similarly, both blade chordwise

translational and rotational stiffnesses are affected by the lag device, while the controllable
torsion stiffness device only influence the blade torsional stiffness. The discrete devices are
mathematically modeled using translational and rotational springs. Two separate models are
used: (i) dual spring model and (ii) single spring model.
2.2.2.1 Dual spring model
The controllable flap and lag stiffness devices can be modeled using a dual spring model to
reflect the dependency of translational and rotational stiffness of the blade incurred by the
configuration geometry of the devices. The flap device can be mathematically represented by
two simultaneous controllable translational and rotational springs: K w and K w′ , respectively (as
shown in Fig. 2.12a), since the stiffnesses are derived from a single flap device. Similarly, the
lag device can be modeled by simultaneous controllable springs K v , and K v′ (see Fig. 2.12b).
The relationship between the translational and rotational springs is summarized as:
K w′ (ψ ) = υ w K w (ψ )

(2.16)

K v′ (ψ ) = υ v K v (ψ )

where υ w and υ v are constants that depend on device configuration.
These simultaneous controllable springs are integrated into the blade equations (Eq. 2.6), and the
corresponding blade response is calculated. The instantaneous stiffnesses of the controllable
springs are calculated using Eq. 2.15 and Eq. 2.16.

Using these instantaneously varying

stiffnesses, the elemental stiffness matrix for flap and lag DoFs (Eq. B.2) of the root element is
modified as follows:
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Device

Device

[

are defined in Eq. B.2, and K ww (ψ )

]

Device

[

and K vv (ψ )

]

Device

are

defined in Eq. 2.18.
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These modified elemental stiffness matrices are assembled, and the modified blade equations
again can be represented using Eq. 2.14, without loss of generality. Then these blade equations
are solved to obtain blade response through the procedure outlined in Appendix E.
2.2.2.2 Single spring model
The flap, lag and torsion controllable stiffness devices can also be modeled as single controllable
springs attached on the blade (see Fig. 2.13). For the flap and lag controllable stiffness devices,
configuration and attachment geometry is shown in Fig. 2.14. While one end of the device is
attached to the rotor hub the other end is attached to the rotor blade at a finite element node so
that the motion of that point (required to determine the device forces) is directly available, and
semi-active forces and moments exerted on the blade are easily accounted for. The semi-active
force generated depends on both the instantaneous stiffness of the devices as well as the blade
motion at the attachment point, which governs the relative displacement of the controllable
springs. Figure 2.15a shows the deformation of the flap device due to flap bending motion of the
blade. From the geometry and kinematics it can be shown that the flap spring deformation due to
flap displacement, w, and slope, w’, at the attachment point is given by:
∆Lw = − w sin α w − ew w′ cos α w

(2.19)
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Similarly, if v and v’ are the lag bending displacement and slope at the point the controllable lag
spring is attached to the blade, the deformation of the lag spring can be shown to be:
∆Lv = −v sin α v − ev v ′ cos α v

(2.20)

In Eqs. 2.19 and 2.20, α w and α v are the attachment angles of the flap and lag devices, and e w
and ev are the attachment offsets (as seen in Figs. 2.14). The semi-active flap device force, Fw ,
and lag device force, Fv , are then expressed as:
Fw = − K w ∆Lw

(2.21)

Fv = − K v ∆Lv
with K w and K v representing the instantaneous stiffness of the controllable flap and lag devices,
respectively. The devices exert both forces and bending moments on the blade at the point of
attachment, in the flap and lag directions (see Fig. 2.15b for the force and moment on the blade
due to the flap device). The resulting loads at the blade finite element nodes (flap bending shear
force, FwK , and moment, M wK , lag bending shear force, FvK , and moment, M vK ) can be
represented as:

 F K 
sin 2 α w
w
 K  = −K w 
M w 
e w sin α w cos α w

 F K 
sin 2 α v
v
 K  = −K v 
M v 
ev sin α v cos α v

e w sin α w cos α w   w 
 
e w cos α w 2  w′

(

)

ev sin α v cos α v   v 
2  
ev cos α v
 v ′

(

)

(2.22a)

(2.22b)

Further, the torsion moment acting on the blade at the attachment point of the torsion stiffness
device is expressed as:

M φK = − K φ φ

(2.22c)

Since the blade loads in Eqs. 2.22 are dependent on the blade response at the attachment point
(w, w’, v, v’, and φ), they will result in a modification of the blade elemental stiffness matrices
of the root element as:
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are defined in Eq. B.2, and
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are defined in Eq. 2.24.
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(2.24c)

The instantaneous stiffness of the discrete devices (Kw(ψ), Kv(ψ), and Kφ(ψ)) are defined earlier
in Eq. 2.15. With these modified elemental stiffness matrices, the blade equations are obtained
by assembling matrices from other beam elements. The modified blade equations can also be
represented by Eq. 2.14, and can be solved to yield blade response via the method presented in
Appendix E.

Comparing Eq. 2.24 to Eq. 2.18 suggests that the single spring model is representing the
controllable stiffness devices more accurately than the dual spring model.

The single spring

model includes translation and rotational coupling effect (seen as off-diagonal terms in Eq. 2.24),
while the dual spring model does not account for the coupling effect.
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2.3 Rotor blade damping variations
Due to limited availability of controllable stiffness devices and extensive work with controllable
dampers, it is natural to consider whether controllable dampers could be used in practice to
achieve helicopter vibration reduction, through cyclic variations of their properties. In addition,
all helicopters already employ passive lag dampers for aeromechanical stability augmentation,
and replacing them with semi-active controllable dampers may be relatively simple.

The

controllable damper considered is a controllable orifice damper whose damping coefficient can
be modified by simply opening or closing an orifice valve. The following sections explain
damper modeling, incorporation of the controllable damper model, and blade root load
calculation.
2.3.1 Controllable orifice damper model
This section presents the development and verification of a mathematical model representing a
semi-active controllable orifice damper. A schematic sketch of the damper considered is shown
in Fig. 2.16. It comprises of a standard linear viscous damper augmented with a bypass, which
has a controllable valve. By varying the area of the controllable orifice through the application
of a voltage, the damper force or the equivalent damping coefficient can be controlled. The
change in damper characteristics with variation in orifice setting was experimentally
demonstrated in Ref. [107], and a fluid dynamics based model for the damper behavior was also
developed and validated in that study. The fluid dynamics based model involves computing the
instantaneous pressures developed in each chamber of the damper due to fluid flow through the
primary and bypass valves (see Fig. 2.16). The damper force can then be calculated from
pressure difference between the two chambers as follows:
FD = P1 A p − P2 ( A p − Ar ) + F f sgn(u& )

(2.25)

where A p is the piston area, Ar is the rod area, F f is the static frictional force between the
piston and the damper casing, and u& is the piston velocity. Although Eq. 2.25 looks simple, the
fluid dynamics based model requires the solution of coupled differential equations governing the
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pressures developed in each chamber.

These equations (from Ref. [107]) are provided in

Appendix G for completeness. The controllable orifice area, Acon , as a function of applied
voltage, V , was reported to vary in the following manner:

[

Acon (V ) = Amax 1 − exp(−γV ς )

]

(2.26)

where Amax is the maximum orifice area, and γ and ζ are parameters obtained through
calibration of the valve. Varying the area of the controllable orifice changes the pressures
developed in the chambers (see Eqs. G.1 and G.2), and consequently, changes the damper
behavior. From Eq. 2.26 it is seen that for zero voltage the controllable orifice is completely shut
( Acon = 0), and for increasing values of voltage the orifice starts to open.

Figure 2.17 shows the force versus displacement damper hysteresis curves for various values of
orifice voltage (or orifice area). It is observed that the fluid dynamics model matches the
experimental data very well. Maximum damping is available for zero voltage when the bypass
valve is completely shut, and the available damping progressively reduces (hysteresis loop area
decreases) as the bypass valve opens with the application of a voltage. It is also seen that for a
specified orifice voltage, or orifice area, Acon , the hysteresis loop closely resembles that of a
linear viscous damper. Thus, in principle, an equivalent viscous damping coefficient,
C=

Energy Dissipated (area under hysteresis cycle)

π Ω xo2

(2.27)

can be assigned to each hysteresis cycle, corresponding to a specified applied voltage. Figure
2.18 shows that the damper hysteresis cycle obtained using the full fluid dynamics based model
compares very well with that generated assuming a linear viscous damper with equivalent
damping coefficient from Eq. 2.27. This process can be repeated for different orifice voltages,
and a viscous damping coefficient determined for each case. A calibration curve of equivalent
damping coefficient as a function of bypass orifice voltage (or orifice area) can then be obtained,
as shown in Fig. 2.19. From the figure it is encouraging to note that – (i) the range of damping
variation available is very large, providing up to almost ±80% change from the mean damping
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coefficient, and (ii) the calibration curve has a large linear range, which is beneficial from a
controller design standpoint.

Based on Fig. 2.19, the damping coefficient in the present study is assumed to vary linearly as:
C (V ) = C +

dC
(V − Vo )
dV

or

C (V ) = C +

dC
∆V = C + ∆C (V )
dV

(2.28)

which provides an accurate description of the damping behavior over a large range of variation
in input voltage. In Eq. 2.28, C is the nominal damping, Vo is the nominal voltage, and ∆C is
the variation in damping due to the voltage change ∆V . Such a reduced order controllable
damper model (Eq. 2.28) avoids the complexity of the full fluid dynamic based model, and can
be easily introduced in the rotor blade finite element equations.

However, before using the reduced order model in Eq. 2.28, additional verification is necessary.
In developing the reduced order model based on the calibration curve in Fig. 2.19, hysteresis
cycles for a series of different orifice settings were considered (Fig. 2.17); but the orifice area
(voltage) was never varied cyclically. In the present study, cyclic variations in the orifice voltage
are to be introduced at harmonics of the rotor frequency. It is necessary to verify that the
reduced order model is valid (produces damper force predictions, or hysteresis cycles, very
similar to those obtained using the full fluid dynamics based model) even when the orifice is
controlled cyclically, at harmonics of the damper motion frequency.

Figures 2.20a and 2.20b, respectively, show the hysteresis cycles predicted when cyclic variation
in the orifice voltage is introduced at the damper motion frequency and at twice the motion
frequency. In both figures, the results from the reduced order model (Eq. 2.28) are practically
identical to those from the full fluid dynamics model (Eqs. G.1, G.2 and 2.25), thus establishing
the validity of the reduced order model, even for cyclically varying orifice voltages. It should be
noted that a cyclic variation in orifice voltage, of amplitude ∆V about a mean voltage of Vo ,
produces a change in the shape of the hysteresis cycle but no change in the area enclosed (which
remains the same as that when a constant voltage Vo is applied) – cycles in Figs. 2.18, 2.20a, and
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2.20b all have the same enclosed area. This suggests that while cyclic variation in voltage will
produce higher harmonic forces that could be exploited to reduce hub vibrations, it is unlikely to
compromise the energy dissipation characteristics of the damper (which are determined only by
the mean orifice voltage, Vo , or, in effect, the mean damping coefficient, C ). In addition, a
change in the phase of the cyclic voltage input would result in the hysteresis curves shown in
Figs. 2.20 undergoing a corresponding rotation, but again, the area enclosed is unchanged.

In the present study controllable orifice dampers are introduced in the rotor blade root region,
and the voltage varied cyclically with time, or with azimuthal position, ψ (since the system is
periodic). Thus the reduced order model in Eq. 2.28 can be represented in the following form
C (ψ ) = C + ∆C (ψ )

(2.29)

where the variation in damping, ∆C , about the mean value, C , is expressed in terms of the
independent variable, ψ , rather than the dependent variable, V (ψ ) .
2.3.2 Inclusion of controllable dampers into blade equations
Controllable dampers are introduced in the blade root region in the flap and lag directions (see
schematic in Fig. 2.21) to produce semi-active forces that modify the blade response and reduce
hub vibrations. Flap and lag controllable dampers are introduced because preliminary studies
(presented later in Chapters 6 and 7) showed that semi-active stiffness variations particularly
with the flap and lag devices are effective in reducing hub vibrations. Using the reduced order
damper model (Eq. 2.29), cyclic variations in the flap and lag damping coefficients are
represented, without loss of generality, in the following form:
N

[

C w (ψ ) = C w + ∆C w (ψ ) = C w + ∑ ∆C wn sin( nψ + φ nw )
n =1
N

[

C v (ψ ) = C v + ∆C v (ψ ) = C v + ∑ ∆C vn sin( nψ + φ nv )
n =1

]

(2.30)

]

Again, “n” represents the frequency of the cyclic damping variations and “φn” represents the
phase angle corresponding to damping variation at n/rev. The amplitudes of flap and lag
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damping variations, ∆C w and ∆C v are expressed as percentages of their baseline values ( C w
and C v , respectively). It should be noted that from a practical standpoint there is a limit to the
maximum variations in damping coefficient achievable with the controllable orifice dampers,
and this was taken to be ± 80% of the baseline damping coefficients ( C w , or C v ), based on Fig.
2.19. Equations 2.30 can be written in a compact form as:
N

[

C D (ψ ) = C D + ∆C D (ψ ) = C D + ∑ ∆C Dn sin( nψ + φ n )
n =1

]

(2.31)

The damper configuration and attachment geometries are similar to that shown in Fig. 2.14,
except that the controllable stiffness devices are replaced with controllable dampers. Again, the
flap and lag dampers are attached to the rotor blade at a finite element node so that the semiactive forces and moments exerted on the blade are easily accounted for, since blade velocity at
the node is readily available.

The semi-active damper force generated depends on the

instantaneous damping coefficient of the controllable dampers as well as the blade flap and lag
velocities at the attachment point, which determines the piston velocities of the controllable
dampers.

Figure 2.22a shows the change in the flap damper length due to flap bending

deformations of the blade. From the geometry and kinematics it can be shown that the flap
damper deformation due to flap displacement, w, and slope, w’, at the attachment point is given
by Eq. 2.19, and the piston velocity of the flap damper can be written as:

∆L& w = − w& sin α w − e w w& ′ cos α w

(2.32a)

Similarly, if v and v’ are the lag bending displacement and slope at the point of attachment of the
lag damper to the blade, the piston velocity of the lag damper can be shown to be:

∆L& v = −v& sin α v − ev v& ′ cos α v

(2.32b)

Again, α w and α v are the attachment angles of the flap and lag dampers, and e w and ev are the
attachment offsets (as seen in Figs. 2.14). The semi-active flap damper force, Fw , and lag
damper force, Fv , are then expressed as:
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Fw = −C w ∆L& w
F = −C ∆L&
v

v

(2.33)

v

with C w and C v representing the instantaneous damping coefficients of the controllable flap and
lag dampers, respectively. The dampers exert forces and bending moments on the blade at the
point of attachment in both the flap and lag directions (see Fig. 2.22b for the force and moment
due to the flap damper). The resulting loads at the blade finite element nodes (flap bending
shear, FwD , and moment, M wD , and lag bending shear, FvD , and moment, M vD ) can be expressed
as:

 F D 
sin 2 α w
w
=
−
C
 D
w
M w 
e w sin α w cos α w

 F D 
sin 2 α v
v
 D  = −C v 
M v 
ev sin α v cos α v

e w sin α w cos α w   w& 
 
e w cos α w 2  w& ′

(

)

(2.34)

ev sin α v cos α v   v& 
2  
&′
ev cos α v
 v 

(

)

Since the blade loads contain velocity-dependent terms, they will result in a modification of the
blade elemental damping matrices of the root element as follows.
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are

The instantaneous damping coefficient of the flap and lag dampers, Cw(ψ) and Cv(ψ), are given
in Eq. 2.30. Then the modified blade equations are obtained by assembling all the other matrices
with the modified elemental damping matrix. The modified blade equations can be represented
by Eq. 2.37.

{

}

Mq&& + C + ∆C (ψ ) q& + Kq = F + F A

(2.37)

where ∆C (ψ ) represents the component of the damping matrix with periodically varying terms
due to the controllable orifice dampers. The blade responses are obtained by solving these blade
equations using the method described in Appendix E.
2.3.3 Blade root loads and hub loads calculation
It should be noted that introduction of the controllable flap and lag dampers, as shown in Figs.
2.21, creates multiple paths for transfer of loads to the rotor hub. Blade root loads calculation
outlined in Section 2.1.4 can still be used, but the semi-active forces generated by the
controllable dampers have to be considered. The shear forces and moments at the root of the
flexbeam are denoted with the superscript “flex”. In addition, the superscript “damper” is used
to denote the shear forces and moments appearing at the root of the damper. See Figures 2.23a
and 2.23b, respectively, for the root vertical shear and the drag shear forces due to the flexbeam
and the damper. The “total” blade root shear forces ( S z and S x in Figs. 2.23a and 2.23b), then,
are summations of the flexbeam and damper contributions ( S z = S zflex + S zdamper and S x = S xflex
+ S xdamper ). It is these “total” shear forces that are considered when calculating the vibratory hub
forces. Thus, the vertical shear force, S zflex , and the drag shear force, S xflex , at the root of the
flexbeam can be expressed as,

S zflex =
S xflex =

# of nodes

∑

f z k − Fw sin α w

∑

f x k − Fv sin α v

k =1
# of nodes
k =1

(2.38)
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The vertical shear force, S zdamper , and the drag shear force, S xdamper , at the root of the flap and lag
dampers are simply
S zdamper = Fw sin α w

(2.39)

S xdamper = Fv sin α v
Thus, from Eqs. 2.38 and 2.39, the total blade root shear forces ( S z and S x ) are obtained as,
S z = S zflex + S zdamper =
S x = S xflex + S xdamper =

# of nodes

∑

fzk

∑

f xk

k =1
# of nodes
k =1

(2.40)

It is interesting to note that the total blade root shears (Sz and Sx) used in the calculation of the
k
k
hub forces have only aerodynamic and inertial contributions (contained in the f z ’s and f x ’s),

and the damper loads cancel out (see Eq. 2.40). These equations for blade root shears are the
same as the equations presented in Eq. 2.10a. In a similar manner it could be shown that any
direct damper contributions to the root radial shear force, and the blade root moments, cancel out
as well.

The damper, however, has modified the blade response, and the inertial and

aerodynamic loads (which are dependent on the blade response). Further, the loads at the
flexbeam root are modified due to the presence of the controllable damper (see Eq. 2.38). After
blade root loads are obtained, hub loads can be calculated using the method in Section 2.1.4.
2.4 Influence of semi-active stiffness and damping variation
From previous sections, it is seen that the blade equations are modified when semi-active
stiffness or damping variations are introduced as presented in Eq. 2.14 and 2.37, respectively.
Mq&& + Cq& + K q = F + F A − ∆K (ψ )q

(2.14a)

Mq&& + Cq& + Kq = F + F − ∆C (ψ )q&

(2.37a)

A

where ∆K (ψ ) represents the stiffness variations and ∆C (ψ ) represents the damping variations.
Clearly, the ∆K (ψ )q (due to cyclic stiffness variations) and ∆C (ψ )q& (due to cyclic damping
variations) terms can be regarded as unsteady semi-active loads that can be used to modify the
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blade response as desired. Traditionally for a 4-bladed rotor helicopter, HHC or IBC uses higher
harmonic pitch input at 3/rev, 4/rev, and 5/rev to produce higher harmonic unsteady aerodynamic
forces of those frequencies, and change blade response and reduce vibration. With the present
semi-active approach, even lower harmonic variations in stiffness, ∆K (ψ ) , or damping, ∆C (ψ ) ,
at 2/rev and 3/rev, are able to generate the desired higher harmonic semi-active loads, ∆K (ψ )q
or ∆C (ψ )q& , at 3/rev, 4/rev, and 5/rev, for vibration reduction, since the blade response and
velocity, q and q& , themselves already contain harmonics of rotor frequency (1/rev, 2/rev, 3/rev,
etc.). This will be demonstrated in the result sections that 2/rev and 3/rev stiffness or damping
variations are particularly effective in reducing 4/rev hub vibrations.

Calculation of blade root loads and hub loads are unchanged with the introduction of stiffness
and damping variations, since all direct contributions of the semi-active loads (from the stiffness
and damping variations) to blade root loads are canceled out. In other words, influence of the
stiffness and damping variations has to be taken into account in the calculation of the blade
response, but its effect on the blade root loads is only to the extent that the changed response of
the blade affects the aerodynamic and inertial loading. This suggests that the stiffness and
damping variations generate semi-active loads that change blade response, and indirectly
influence the blade root loads, which in turn can be used to reduce the hub vibrations.
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Figure 2.1: Forces and moments exert on a helicopter in a level forward flight
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Figure 2.5: Flowchart of coupled rotor/trim response calculation procedure
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Figure 2.11: Schematic sketch of discrete controllable stiffness devices
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Figure 2.12: Mathematical idealization of discrete controllable stiffness devices using dual spring
model in (a) flap and (b) lead-lag directions.
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Figure 2.13: Mathematical idealization of discrete controllable stiffness devices using single
spring model in (a) flap, (b) lead-lag, and (c) torsional directions.
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Figure 2.15: (a) Deformation of the flap device due to blade bending, and
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Figure 2.17: Force/Displacement hysteresis loops for different bypass orifice settings (valve
voltages); (a) experiment, (b) fluid dynamic model simulations (from Ref. 103)
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Figure 2.21: Schematic of rotor blade with controllable flap and lag dampers
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Figure 2.22: (a) Deformation of the flap damper due to blade bending, and (b) loads exerted on
the blade at attachment point by the flap damper
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summing drag shear forces, fxi, along blade Finite Element DOF’s), and the lag damper, Sxdamper
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Chapter 3

Optimal Semi-Active Control Scheme

3.1 Calculation of optimal semi-active inputs
A frequency-domain approach is considered in determining optimal semi-active input, ∆U,
(which can represent either stiffness variation, ∆K (ψ ) , or damping variation, ∆C (ψ ) ). This
frequency domain method is similar to that developed in Ref. 117 and widely employed in
previous active vibration reduction studies.

The semi-active input, ∆U, is expressed in

frequency-domain and comprises of amplitudes of sine and cosine components of stiffness or
damping variations (at harmonics of rotational speed). Examples of the semi-active inputs are
shown in Eq. 3.1a and 3.1b for stiffness and damping variations, respectively.
∆U = [∆K w2c ∆K w2 s ∆K w3c ∆K w3s
1444442444443

∆K v2c ∆K v2 s ∆K v3c ∆K v3s ]T
1444442444443

2,3 / rev stiffness var iations
of the flap device

(3.1a)

2,3 / rev stiffness var iations
of the lag device

∆U = [∆C w2c ∆C w2 s ∆C w3c ∆C w3s
144444244444
3

∆C v2c ∆C v2 s ∆C v3c ∆C v3s ]T
144444244444
3

2,3 / rev damping var iations
of the flap damper

(3.1b)

2,3 / rev damping var iations
of the lag damper

where superscript “nc” represents the cosine component at n/rev and superscript “ns” represents
sine component at n/rev. The rotor hub vibration is expressed in frequency domain as, z, which
consists of sine and cosine components of all vibratory hub loads, and is defined in Eq. 3.2.

[

z = Fx4c

Fx4 s

F y4 c

F y4 s

Fz4 c

Fz4 s

M x4c

M x4 s

M y4c

M y4 s

M z4c

M z4 s

]

T

(3.2)

where superscripts “4c”and “4s” denote cosine and sine components of the 4/rev vibratory hub
loads, respectively. It is assumed that the semi-active input, ∆U, and hub vibration, z, are related
through a transfer matrix, T, as follows:
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z = zo + T ∆U

(3.3)

where “zo” is the baseline 4/rev hub vibration (without any semi-active input). The transfer
matrix, T, is numerically calculated by perturbation of individual semi-active input components,
about the baseline configuration.
The control algorithm, adapted from Ref. 117, is based on the minimization of a composite
quadratic objective function, J, defined as:
J = Jz + Ju = z T W z z + ∆U T Wu ∆U
123 14243
Jz

(3.4)

Ju

where “Wz” represents the weighting on hub vibration ( W z =

100
z o z oT 

6

−1

), and “Wu”

represents the penalty weighting on semi-active input (Wu is usually set to an identity matrix,
unless otherwise stated). In the result Chapters, Jz = zT Wz z (which is a measure of the vibration
level) is used as a performance index; with smaller values of Jz indicating more vibration
reduction due to semi-active inputs. The semi-active input index, Ju, can represent the amount of
semi-active input required for vibration reduction. The optimal semi-active input (stiffness or
damping variations) can be determined using both gradient and non-gradient based methods.
3.1.1 Gradient-based optimization
The optimal semi-active input can be obtained using a gradient-based optimization approach. An
optimal input is obtained by substituting Eq. 3.3 into Eq. 3.4 and setting the derivative of the
objective function with respect to semi-active inputs to zero (∂J/∂∆U = 0). The resulting optimal
semi-active input is presented in Eq. 3.5.

∆U = -(TTWzT + Wu )-1TTWz zo

(3.5)

Equation 3.5 suggests that the calculation of semi-active input requires prior knowledge of the
baseline hub vibration, zo (measured or calculated), and transfer matrix, T. This semi-active
control scheme is equivalent to an open-loop scheme, which might produce non-optimal inputs
when there is a change in operating condition or rotor configuration. If the change occurs, the
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semi-active input would have to be re-evaluated since the baseline hub vibration and/or transfer
matrix may change.

3.1.2 Non-Gradient-based optimization
The optimal semi-active input can also be determined using a non-gradient-based optimization
method. The optimization method considered is based on Genetic Algorithm (GA) approach
[118]. An optimal input is determined through an evolutionary process replicating natural
selection. Any possible semi-active input, ∆U, is coded into a binary string called an individual.
Initially, several individuals are generated randomly to make up the first generation. For every
individual in the generation, a “fitness function” is evaluated based on the same objective
function defined in Eq. 3.4. The “most fit” individuals in that generation, or the ones that
produce the minimum objective function, will be chosen to produce individuals in the next
generation through a mating and mutation process. After repeating this process for several
generations, the procedure will produce the individual with the highest fitness, which can be
decoded back to yield optimal semi-active input that minimizes the objective function. For the
genetic algorithm simulations conducted in the present study, the number of individuals in each
generation is 20, and the number of generations is 50-200. In general, the amount of time
involved in calculating an optimal input using this GA approach is a lot longer than that used by
the gradient based approach.
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Chapter 4

Sensitivity Study
This Chapter presents preliminary vibration reduction results using root element stiffness
variations, described in Section 2.2.1. The effectiveness of root element stiffness variations on
reducing hub vibration is examined at a nominal advance ratio of 0.3, using Drees inflow model.
The helicopter considered is a 4-bladed hingeless rotor helicopter whose rotor-fuselage
properties are given in Appendix H (Table H.1). Stiffnesses of the root elements of the blades
are varied cyclically to produce hub vibration reduction (see Eq. 2.12 and Fig. 2.10). Five beam
elements are used to model the rotor blade, and 6 modes (2 flap, 2 lag, and 2 torsion modes) are
used in modal transformation. The baseline hub vibrations and blade root loads, without any
root element stiffness variations, are given in Table 4.1a and Table 4.1b, respectively. Section
4.1 shows sensitivity of vibratory hub loads to root element flap, lag, and torsion stiffness
variations at various frequencies, amplitudes, and phases. Underlying mechanism of hub
vibration reduction is presented in Section 4.2. Influence of the root element stiffness variations
on blade root loads is shown in Section 4.3. Further, Section 4.4 illustrates effectiveness of the
root stiffness variation in reducing hub vibration at different advance ratios. A brief summary of
the results in this chapter is presented in Section 4.5.
4.1 Influence of root element stiffness variations on vibratory hub loads
The Influence of individual variations in root element flap, lag, and torsion stiffness on hub
vibration is examined. The influence of different harmonics (1/rev, 2/rev, 3/rev, 4/rev, and
5/rev) of the stiffness variations is also considered. For each harmonic of the stiffness variations,
the associated phase angle (see Eq. 2.12) is varied to demonstrate sensitivity of vibratory hub
loads to the stiffness variation.
4.1.1 Cyclic variation in flap stiffness
The effects of cyclic variations in flapwise stiffness of the root element (flap stiffness) are
examined in this section. For a 1/rev variation in flap stiffness, Figs. 4.1a and 4.1b show the
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vibratory hub forces and moments, respectively, as a function of phase angle, φ, of the flap
stiffness variation. The amplitude of the stiffness variation considered is 15% of the baseline flap
stiffness (∆EIβ1p = 0.15 EI β ). The vibratory forces and moments are non-dimensionalized by
their respective baseline values (denoted as 100%). From Fig. 4.1a it can be seen that while the
hub in-plane shear forces, Fx4p and Fy4p, are virtually insensitive to 1/rev flap stiffness variations,
the hub vertical shear force, Fz4p, can be reduced by roughly 20% at an “optimal” phase angle of
about 225o.

Figure 4.1b indicates that the hub moments are mildly sensitive to 1/rev flap

stiffness variations. At the phase angle, φ = 225o, small reductions in hub moments (of no more
than 10%) can be obtained in addition to the reduction in Fz4p.

Figure 4.2 shows the influence of 2/rev variations in flap stiffness on the vibratory hub loads.
The amplitude of the variation, ∆EIβ2p, is 15% of the baseline flap stiffness, EI β . It is seen from
Fig. 4.2a that at an “optimal” phase angle of around 240o, a 70% reduction in hub vertical shear
force, Fz4p, can be achieved. The hub in-plane shears, Fx4p and Fy4p, show very little sensitivity to
a 2/rev variation in flap stiffness. Figure 4.2b indicates that the hub moments are moderately
sensitive to 2/rev flap stiffness variations, with a 15-20% increase in the hub in-plane moments,
Mx4p and My4p, observed at φ = 240o.

Figure 4.3 shows the influence of 3/rev variations in flap stiffness on the vibratory hub loads.
The amplitude of the variation, ∆EIβ3p, is 15% of the baseline flap stiffness, EI β . All vibratory
hub forces and moments show large sensitivity to 3/rev variations in flap stiffness. Figure 4.3a
indicates that a substantial 70% reduction in the hub in-plane shear forces, Fx4p and Fy4p, and a
40% reduction in the hub vertical shear, Fz4p, can be achieved at a phase angle of around 0o. At
this phase angle, the hub torque, Mz4p, is unchanged and the pitching moment, My4p, is decreased
by 15%, but the rolling moment, Mx4p, is increased by 20% (Fig. 4.3b). Alternatively, if a phase
angle of around 45o is selected, 60% and 85% reductions in hub in-plane moments, Mx4p and My4p,
and an approximately 30% reduction in all hub forces can be achieved. This phase angle,
though, produces a 25% increase in the vibratory hub torque, Mz4p.
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A 4/rev flap stiffness variation with an amplitude as low as 5% of the baseline flap stiffness
(∆EIβ4p = 0.05 EI β ) produced a more than 200% increase in vibratory hub vertical shear, Fz4p,
over the entire range of phase angles. The system appears to be “overdriven” with the stiffness
variations actually producing significant vibrations rather than merely canceling the original
vibrations. Conceivably, the amplitude of stiffness variation could be further reduced, but
smaller amplitudes would require high precision in stiffness variation. A 5/rev flap stiffness
variation had the greatest influence on the in-plane vibratory hub moments. For an amplitude of
variation of 5% of the baseline flap stiffness (∆EIβ5p = 0.05 EI β ), up to 60% reductions in the inplane hub moments were possible. However, the phase angles that produced a decrease in the
rolling moment, Mx4p, increased the pitching moment, My4p, by a comparable amount, and viceversa. Thus, 4/rev and 5/rev variations in flap stiffness are not considered as candidates for
reduction of vibratory hub loads.
4.1.2

Cyclic variation in lag stiffness

The effects of cyclic variations in chordwise stiffness of the root element (lag stiffness) are
examined in this section. A 1/rev variation in lag stiffness, of amplitude 15% of the baseline lag
stiffness (∆EIζ1p = 0.15 EI ζ ), was first considered. The vibratory hub forces and moments were
found to be relatively insensitive to 1/rev lag stiffness variations, with reductions in vibratory
hub loads of no more than 5-7%, relative to the baseline values.

The influence of 2/rev lag stiffness variations on the vibratory hub loads is shown in Fig. 4.4.
The amplitude of variation, ∆EIζ2p, is 15% of the baseline lag stiffness, EI ζ . The vibratory inplane hub forces and the hub torque are most sensitive to the 2/rev lag stiffness variations. From
Fig. 4.4a it is seen that at an “optimal” phase angle of about 90o, the in-plane shear forces, Fx4p
and Fy4p, are reduced by about 20% and 30%, respectively. At the same phase angle, the hub
torque, Mz4p, is simultaneously reduced by about 20%.

Figure 4.5 shows the influence of 3/rev variations in lag stiffness on the vibratory hub loads.
The amplitude of the variation, ∆EIζ3p, is 5% of the baseline lag stiffness, EI ζ . In Fig. 4.5a it is
seen that at a phase angle of 225o, the hub vertical shear, Fz4p, can be reduced by 40% without
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adversely affecting any of the other hub forces or moments. Alternatively, Fig. 4.5b indicates
that a phase angle of 135o produces an 85% reduction in hub torque, Mz4p, without adversely
affecting any other hub forces or moments. Any phase angle between 135o and 225o produces
simultaneous reductions in Fz4p and Mz4p. The in-plane hub forces and moments are relatively
insensitive to 3/rev lag stiffness variations. At a phase of 135o, if larger amplitudes of stiffness
variation are considered, the vibratory hub torque starts to increase since the system is
“overdriven” and the stiffness variations are producing the vibrations rather than merely
cancelling them. Figure 4.6a clearly illustrates this principle. It is seen in the figure that as
∆EIζ3p increases from 0.02 EI ζ to 0.05 EI ζ , larger reductions in Mz4p can be achieved. However,
an increase in ∆EIζ3p to 0.10 EI ζ produces smaller reductions in Mz4p, and for ∆EIζ3p =0.15 EI ζ ,
the vibrations actually increase, at any phase angle. Figure 4.6b shows the maximum reduction
in Mz4p versus magnitude of stiffness variation (at the optimal phase angle) for 2/rev as well as
3/rev lag stiffness variations. It is seen from the figure that for 2/rev variations, more vibration
reduction is achieved as ∆EIζ increases. However, the hub vibrations are more sensitive to 3/rev
lag stiffness variations, so small amplitudes are able to produce large reductions.

If the

amplitude is further increased, the system is “overdriven” and the stiffness variations produce the
vibrations.
A 4/rev lag stiffness variation (of amplitude ∆EIζ4p = 0.05 EI ζ ) produced about 40% variations in
all the vibratory hub forces and the hub torque. However, the phase angles that produced a
decrease in the vibratory hub drag, Fx4p, produced a corresponding increase in the side-force, Fy4p,
and vice-versa. Thus, 4/rev variations in lag stiffness are not considered as a candidate for
reduction of vibratory hub loads.

Figure 4.7 shows the influence of 5/rev variations in lag stiffness on the vibratory hub loads.
The amplitude of the variation, ∆EIζ5p, is 5% of the baseline lag stiffness, EI ζ . From Fig. 4.7b it
is seen that the hub torque, Mz4p, is virtually eliminated at a phase of about 180o, but components
of hub forces are simultaneously increased by 10-20% (Fig. 4.7a). However, a phase angle of
about 200o can reduce the hub torque, Mz4p, by over 85% without adversely affecting the hub
forces. The in-plane moments, Mx4p and My4p, are insensitive to 5/rev lag stiffness variations.
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4.1.3

Cyclic variation in torsion stiffness

The effects of cyclic variations in torsional stiffness of the root element are examined in this
section. 1/rev and 2/rev variations in torsion stiffness, of amplitude 15% of the baseline torsion
stiffness, were found to have relatively little influence on the vibratory hub forces and moments
(with hub vibration reductions of no more than 5-7% of the baseline values). Hence 1/rev and
2/rev variations in torsion stiffness are not considered for reduction of vibratory hub loads.
The effect of 3/rev torsion stiffness variation on the vibratory hub loads is shown in Fig. 4.8.
The amplitude of variation, ∆GJ3p, is 15% of the baseline torsion stiffness, GJ . Figure 4.8a
indicates that while the vibratory in-plane hub forces are insensitive to 3/rev torsion stiffness
variations, a 15% reduction in hub vertical shear, Fz4p, can be achieved if a phase angle of 315o 360o is selected. For these values of phase angle, the vibratory hub moments show no significant
change (Fig. 4.8b).
Figure 4.9 shows the influence of 4/rev variations in torsion stiffness on the vibratory hub loads.
The amplitude of variation, ∆GJ4p, is again 15% of the baseline torsion stiffness, GJ . Figure
4.9a indicates that while the in-plane vibrations, Fx4p and Fy4p, are insensitive to the stiffness
variations, a 20% reduction in vertical shear, Fz4p, can be achieved for an “optimal” phase angle
of around 90o - 135o. The influence of 4/rev torsion stiffness variations on vibratory hub
moments is fairly insignificant (Fig 4.9b).
5/rev variations in torsion stiffness (with ∆GJ5p = 0.15 GJ ) were able to produce reductions in
Fz4p of no more than 8%. Other vibratory hub loads showed even lower sensitivity. Hence 5/rev
torsion stiffness variations are not considered for reduction of hub vibrations.

4.1.4

Summary of beneficial root element stiffness variations

Harmonic variations in flap, lag, and torsion stiffness of the root element that produced
significant reductions in vibratory hub loads are summarized in Table 4.2. Listed in the table are
the amplitudes of stiffness variation required (as a percentage of the baseline stiffness), the
“optimal” phase, and the corresponding changes in the components of vibratory hub loads. A
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1/rev flap stiffness variation is not considered, since significantly larger reductions in the hub
vertical force, Fz4p, can be achieved using 2/rev variations in flap stiffness. Although torsion
stiffness variations produce reductions in Fz4p that are comparable to those achieved using a 1/rev
flap stiffness variation, these are retained to assess comparison between the flap stiffness versus
torsion stiffness variations. In general, it can be observed from Table 4.2 that torsion stiffness
variations produce only moderate reductions in Fz4p.

Lag stiffness variations can produce

reductions in all hub forces and the hub torque. Flap stiffness variations are probably the most
versatile, and have the potential to reduce all hub forces and the in-plane hub moments.

4.2 Mechanism for reduction of vibratory hub loads
In the previous section, stiffness variations that produced reductions in vibratory hub loads were
identified (Table 4.2). For these stiffness variations, the present section examines the mechanism
by which the vibration reduction is achieved. Specifically, since inertial and aerodynamic
components of the various blade root loads contribute significantly to the hub loads, this section
seeks to understand the individual change or the combination of changes, in these components
that leads to the reduction of the vibratory hub loads.

The following comments can be made about all the reductions in vibratory hub moments. The
hub roll and pitch moments, Mx4p and My4p, have contributions from the blade root flapping
moment, Mβ, and the blade root pitching moment, Mφ. However, for the symmetric airfoil
considered in the present study, the root pitching moments in the absence of stall are
considerably smaller than the blade root flapping moment. Further, the blade root flapping
moment contribution to Mx4p and My4p is dominated by the inertial component and it is reductions
in the inertial component of Mβ (due to stiffness variations) that produce reductions in Mx4p and
My4p. The blade root lag moment contributes to the vibratory hub yaw moment, Mz4p. The blade
root lag moment is also dominated by the inertial contribution, and reduction in Mz4p is achieved
when stiffness variation reduces this component. The mechanisms for reduction of the vibratory
hub forces are more varied, and are discussed below.
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For the 2/rev flap stiffness variation, Fig. 4.10 depicts, vectorially, the inertial and aerodynamic
components of Fz4p. Compared to the baseline rotor (no stiffness variations) the aerodynamic
component increases slightly. The inertial component decreases somewhat in magnitude (by no
more than 20%) but undergoes a phase change. This phase change in the inertial component
results in a significantly reduced vectorial sum (of the inertial and aerodynamic components), so
that there is a 70% net reduction in the total Fz4p load.
For the 3/rev flap stiffness variation, a phase angle of 45o produced 30% reductions in vibratory
hub forces, and 60% and 85% reductions, respectively, in the hub roll and pitch moments, Mx4p
and My4p. The blade root radial shear force, Sr, and drag shear force, Sx, contribute to the in-plane
hub forces. Figure 4.11 shows the contributions of Sr and Sx to Fx4p, vectorially. It clearly
indicates that although the individual contributions of Sr and Sx to Fx4p have not changed in
magnitude, an increase in the relative phase angle results in a smaller net Fx4p. The reduction in
Fy4p occurs in a similar manner. Figure 4.12 depicts, vectorially, the inertial and aerodynamic
components of Fz4p. Compared to the baseline rotor, the aerodynamic component decreases
slightly and the inertial component decreases to a larger extent (by about 40%). While both
components individually undergo a change in phase, there is little change in the relative phase
angle. Thus it can be concluded that the 30% reduction in the total Fz4p load is due to the
decrease in the magnitude of the contributing aerodynamic and inertial components.

The 2/rev lag stiffness variation produced 20%-30% reductions in the hub in-plane forces, which
was due to decreases in both the blade root radial shear and drag shear contributions to Fx4p and
Fy4p. These decreases, specifically, occurred due to reductions in the magnitude of the inertial
components of the loads. The magnitude of the aerodynamic components and the phase of both
components was unchanged.
For a 3/rev lag stiffness variation, a phase angle of 135o produced an 85% reduction in vibratory
hub yaw moment. This was again due to a corresponding reduction in the blade root lag moment
(inertial component). Alternatively, a phase angle of 225o produced a 40% reduction in Fz4p.
Figure 4.13 depicts, vectorially, the inertial and aerodynamic components of Fz4p. Compared to
the baseline rotor both the aerodynamic and inertial components show fairly significant
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increases. However, the change in phase angles of both these components results in an increase
in the relative phase and produces a significantly reduced vectorial sum of the total Fz4p load.
3/rev and 4/rev torsion stiffness variations reduced Fz4p by approximately 15%-20%. Figure 4.14
depicts, vectorially, the inertial and aerodynamic components of Fz4p, for 4/rev torsion stiffness
variations. Both aerodynamic and inertial components increase in magnitude, compared to the
baseline rotor. However, both components undergo changes in phase, so that the resultant Fz4p
load (vectorial sum of inertial and aerodynamic components) is reduced. When 3/rev torsion
stiffness variations are used, reductions in Fz4p are obtained in a similar manner.

4.3 Influence of root element stiffness variation on blade root loads
For the stiffness variations identified in Table 4.2 (that produced reductions in vibratory hub
loads), the present section examines the corresponding blade root loads in the rotating system.
For a reduction in the hub in-plane vibratory forces or moments, reductions are generally
expected in the 3/rev components of blade root radial shear, drag shear, flapping moment, and
pitching moment. Similarly, for a reduction in the hub vibratory vertical shear force and torque,
corresponding reductions are expected in the 4/rev components of blade root vertical shear and
lag moment. However, it is important to ascertain that a stiffness variation that produces a
reduction in a particular vibratory hub force or moment does not simultaneously produce
excessive increases in other harmonics of blade root loads (that do not contribute to the fixedsystem hub loads). This is an important consideration since increased blade root dynamic
stresses could result in premature fatigue. As a benchmark, the harmonics of blade root loads for
the baseline configuration (without stiffness variations) are presented in Table 4.1b. It should be
noted that the fifth harmonics are generally one-to-two orders of magnitude lower than the third
and fourth harmonics. Thus, increases in fifth harmonics (even by factors of 2-5) are generally
of lesser concern than increases in third, fourth, and lower harmonics. Additionally, for the
symmetric airfoil considered in the present study, harmonics of blade root torsion moment are
generally 1-2 orders of magnitude lower than those of the blade root flap or lag moments. Thus,
increases in blade root torsion moment (even by factors of 2-3) are also of relatively lower
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importance, although it is recognized that such increases would lead to an increase in vibratory
pitch-link loads.
4.3.1

Cyclic variation in flap stiffness

This section examines the blade root loads in the presence of flap stiffness variations that
resulted in reductions in hub vibrations (Table 4.2). Shown in Table 4.3a are changes in
harmonics of blade root loads due to a 2/rev variation in flap stiffness (∆EIβ2p = 0.15 EI β , φ =
240o). The shaded areas in Table 4.3a denote harmonics of blade root loads contributing to hub
vibrations. A 73% reduction is observed in the 4/rev component of blade root vertical shear, Sz,
consistent with the approximately 70% reduction in Fz4p achieved with 2/rev flap stiffness
variation (see Table 4.2). An 18% increase in Mβ3p contributes to the increases in vibratory hub
rolling moment, Mx4p and pitching moment, My4p. The most significant increase in blade root
loads is a 42% increase in the 2/rev component of blade root flapping moment, Mβ.
Shown in Table 4.3b are changes in harmonics of blade root loads due to a 3/rev variation in flap
stiffness (∆EIβ3p = 0.15 EI β , φ = 45o). Although only very modest 9% and 6.5% reductions are
observed in the 3/rev components of Sr and Sx, changes in relative phase are responsible for the
net reduction in hub loads (as discussed in Section 4.2, see Fig. 4.11). The reduction observed in
the 4/rev component of Sz, is consistent with the reduction in hub vertical shear, Fz4p. The
significant 73% reduction in the 3/rev component of Mβ contributes to the large reductions in hub
rolling and pitching moments, Mx4p and My4p, respectively. The increase in Mζ4p is consistent with
the corresponding increase in the vibratory hub yaw moment indicated in Table 4.2. There are
no significant increases in 1/rev, 2/rev, and 3/rev components of blade root loads. Of some
concern are increases of 88% in Sr4p and 36% in Sx4p. Although large percentage increases are
also observed in the 5/rev components of Sz and Mβ, their baseline values are very small.
4.3.2

Cyclic variation in lag stiffness

This section examines the blade root loads in the presence of lag stiffness variations that resulted
in reductions in hub vibrations (Table 4.2). Shown in Table 4.4a are changes in harmonics of
blade root loads due to a 2/rev variation in lag stiffness (∆EIζ2p = 0.15 EI ζ , φ = 90o). Reductions
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of 15% in Sr3p and 44% in Sx3p contribute to the reductions in the in-plane hub shears, Fx4p and Fy4p,
indicated in Table 4.2. A nearly 20% reduction is observed in the 4/rev component of blade root
lag moment, Mζ, consistent with the corresponding reduction in hub torque, Mz4p (see Table 4.2).
Although a 200% increase in the 3/rev component of Mζ is of concern, it should be noted that the
baseline value of Mζ3p was very low (about 25% of the magnitude of Mζ4p, as seen in Table 4.1b).
The changes in blade root load harmonics due to the 3/rev variation in lag stiffness (∆EIζ3p =
0.05 EI ζ , φ = 135o) are presented in Table 4.4b. An approximately 86% reduction is observed in
the 4/rev component of blade root lag moment, Mζ4p, consistent with the reduction obtained in the
vibratory hub torque seen in Table 4.2. Additional large decreases in 4/rev components of inplane blade root shears are obtained. Although large increases in the 4/rev and 5/rev component
of blade root pitching moment, Mφ, are obtained, the baseline values for blade root pitching
moment harmonics were very small. Table 4.4c shows the resulting changes in harmonics of
blade root loads when a phase angle of φ = 225o is considered (with the amplitude, ∆EIζ3p,
retained at 5% EI ζ ). A 40% reduction is observed in the 4/rev component of blade root vertical
shear, Sz, consistent with the 40% decrease in hub vertical shear, Fz4p. The most significant
increase in blade root loads is a 57% increase in Sr4p. The 75% increase in Mφ4p is of less
significance due to the baseline value being very small. Similarly, increases in fifth harmonics
are of less significance.
A 5/rev variation in lag stiffness (∆EIζ5p = 0.05 EI ζ , φ = 200o) produced a 75% reduction in the
4/rev component of blade root lag moment, Mζ (Table 4.4d), consistent with the reduction in
vibratory hub yaw moment obtained (see Table 4.2) due to this stiffness variation. No increases
were obtained in the first, second, and third harmonics of the blade root loads. In addition to the
reduction in Mζ4p, reductions of 23% in Sr4p, and 60% in Sx4p, are also obtained. However, very
large percentage increases are obtained in the 5/rev components of Sr, and Sx, (500-600%), Mζ,
(800%), and Mφ (300%).
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4.3.3

Cyclic variation in torsion stiffness

This section examines the blade root loads in the presence of torsion stiffness variations that
resulted in reductions in hub vibrations (Table 4.2). Shown in Table 4.5a are changes in
harmonics of blade root loads due to 3/rev variation in torsion stiffness (∆GJ3p = 0.15 GJ , φ =
320o). The 15% reduction observed in the 4/rev component of blade root vertical shear, Sz, is
consistent with the corresponding reduction in vibratory hub vertical force, Fz4p, seen in Table
4.2. Shown in Table 4.5b are the changes in harmonics of blade root loads due to 4/rev variation
in torsion stiffness (∆GJ4p = 0.15 GJ , φ = 100o). Again, the 20% reduction observed in the 4/rev
component of blade root vertical shear, Sz4p, is consistent with the corresponding decrease in
vibratory hub vertical shear, Fz4p, seen Table 4.2. For both 3/rev as well as 4/rev torsion stiffness
variations, very large percentage increases are obtained in the 4/rev and 5/rev components of
pitching moment, Mφ. These may not be insignificant even though the baseline values of these
components were very small. No increases of any significance are observed in any of the other
harmonics of blade root loads.
4.4 Vibration reduction at different advance ratio
In Section 4.1.2 it was shown that 3/rev lag stiffness variations (∆EIζ3p = 0.05 EI ζ , φ = 135o)
produced about 85% reductions in Mz4p at µ = 0.3. Figure 4.15 shows reductions in Mz4p (due to
3/rev lag stiffness variations) at three different advance ratios. At µ = 0.35, only a 66%
reduction could be achieved in Mz4p, since the baseline vibrations are higher. Larger amplitudes
of stiffness variation (∆EIζ3p >0.05 EI ζ ) would be required to produce additional vibration
reductions. At µ = 0.25, the vibration reduction achieved using ∆EIζ3p = 0.05 EI ζ , φ = 135o, was
negligible. However, further investigation revealed that the optimal phase angle at µ = 0.25 was
100o (and not 135o). A phase of 100o did produce slightly larger reductions in Mz4p, but the
system was “overdriven” at µ = 0.25 since the baseline vibrations were lower. Smaller stiffness
variation amplitudes could be used at lower advance ratios, or alternatively, no stiffness variation
may be used at moderate advance ratios, and stiffness variations could be introduced when the
advance ratio increases beyond a prescribed value, say µ = 0.3.
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The above observations were found to be equally true for other stiffness variations and
components of vibratory hub loads, and may be generalized as follows. The amplitude of
stiffness variation required for vibration reduction increases with advance ratio. If moderate
vibration reduction is achieved at µ = 0.3, the same amplitude of stiffness variation is likely to
produce larger reductions at lower advance ratios. However, if substantial vibration reduction is
achieved at µ = 0.3, the same amplitude of stiffness variation is likely to produce smaller
reductions (or even increases) at lower advance ratios, since the system will be “overdriven”. At

µ = 0.35, the amplitudes of stiffness variation required would always be greater (for a similar
reduction in vibration). The optimal phase angle may change with advance ratio.
4.5 Summary on sensitivity of root element stiffness variation
From the results presented in this chapter, it is clearly shown that components of vibratory hub
loads could be modified using specific harmonic variations in root element flap, lag, and torsion
stiffness. With a proper amplitude and phase angle, harmonic stiffness variation can be employed
to reduce some components of hub vibration. In particular, lag stiffness variations can produce
substantial reductions in all vibratory hub forces and hub yaw moment, while flap stiffness
variations have the potential to significantly reduce all hub forces and the hub roll and pitch
moments. Torsion stiffness variations, on the other hand, produce only moderate reductions in
only 4/rev vertical hub forces. The reduction in vibrations are obtained by one of two
mechanisms - (i) reduction in magnitude of the inertial component of the blade root loads that
contribute to hub vibrations; (ii) change in relative phase of the contributing components. The
cyclic stiffness variations that produce reductions in vibratory hub loads may produce increases
in certain blade root load harmonics.
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Figure 4.2: Influence of phase, φ, of 2/rev variation in flap stiffness on 4/rev hub forces (a) and
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Figure 4.3: Influence of phase, φ, of 3/rev variation in flap stiffness on 4/rev hub forces (a) and
moments (b), EI β = EI β + ∆EI β3 p sin(3ψ + φ ), ∆EI β3 p = 0.15 EI β
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Figure 4.4: Influence of phase, φ, of 2/rev variation in lag stiffness on 4/rev hub forces (a) and
moments (b), EI ζ = EI ζ + ∆EI ζ2 p sin( 2ψ + φ ), ∆EI ζ2 p = 0.15 EI ζ
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Figure 4.5: Influence of phase, φ, of 3/rev variation in lag stiffness on 4/rev hub forces (a) and
moments (b), EI ζ = EI ζ + ∆EI ζ3 p sin(3ψ + φ ), ∆EI ζ3 p = 0.05 EI ζ
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Figure 4.6a: Influence of magnitude of 3/rev variations in lag stiffness on vibratory hub torque
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Figure 4.6b: Influence of magnitude of lag stiffness variations on vibratory hub torque
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Figure 4.7: Influence of phase, φ, of 5/rev variation in lag stiffness on 4/rev hub forces (a) and
moments (b), EI ζ = EI ζ + ∆EI ζ5 p sin(5ψ + φ ), ∆EI ζ5 p = 0.05 EI ζ
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Figure 4.8: Influence of phase, φ, of 3/rev variation in torsion stiffness on 4/rev hub forces (a)
and moments (b), GJ = GJ + ∆GJ 3 p sin(3ψ + φ ), ∆GJ 3 p = 0.15GJ
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Figure 4.9: Influence of phase, φ, of 4/rev variation in torsion stiffness on 4/rev hub forces (a)
and moments (b), GJ = GJ + ∆GJ 4 p sin( 4ψ + φ ), ∆GJ 4 p = 0.15GJ
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Figure 4.10: Change in 4/rev hub loads, Fz4p, due to 2/rev variation in flap stiffness
EI β = EI β + ∆EI β2 p sin( 2ψ + φ ), ∆EI β2 p = 0.15EI β , φ = 240o
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Figure 4.11: Change in contributions of hub load, Fx4p, due to 3/rev variation in flap stiffness
EI β = EI β + ∆EI β3 p sin(3ψ + φ ), ∆EI β3 p = 0.15EI β , φ = 45 o
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Figure 4.12: Change in 4/rev hub loads, Fz4p, due to due to 3/rev variation in flap stiffness
EI β = EI β + ∆EI β3 p sin(3ψ + φ ), ∆EI β3 p = 0.15EI β , φ = 45 o

{

}

90
0.014

120

60

0.012
0.01
30

0.008

4/rev Hub Load

0.006
0.004
0.002
0

0

F 4p
Fz aero
Fz4piner
With Stiffness Variation
Baseline

330z4p

210

240

300
270

Figure 4.13: Change in 4/rev hub loads, Fz4p, due to 3/rev variation in lag stiffness
EI ζ = EI ζ + ∆EI ζ3 p sin(3ψ + φ ), ∆EI ζ3 p = 0.05 EI ζ , φ = 225o
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Figure 4.14: Change in 4/rev hub loads, Fz4p, due to 4/rev variation in torsion stiffness
GJ = GJ + ∆GJ 4 p sin(4ψ + φ ), ∆GJ 4 p = 0.15GJ , φ = 100 o

{

}

Mz4p (% of Baseline, at µ = 0.3)

180
160

Baseline

140

With Stiffness Variation

120
100
80

φ = 135°

60

Optimal
φ = 100°

40
20
0
0.25

0.3
Advance Ratio, µ

0.35
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Vibratory Hub Loads*
Fx4p
1.0937
Fy4p
1.0910
4p
Fz
0.7258
4p
Mx
8.3085
My4p
8.6632
4p
Mz
6.5129
Table 4.1a: 4/rev vibratory hub loads for baseline rotor, no root element stiffness variation
Blade Root
Loads
Sr
Sx
Sz
Mφ
Mβ
Mζ

Harmonics**
1/rev
0.085114
0.072238
0.053513
0.012710
0.192777
0.384243

2/rev
0.008036
0.003599
0.039237
0.004204
0.124387
0.018488

3/rev
0.003606
0.001990
0.015058
0.000335
0.042688
0.004317

4/rev
0.001891
0.004815
0.001815
0.000176
0.004195
0.016282

5/rev
0.000092
0.000240
0.000483
0.000029
0.001321
0.000898

Table 4.1b: Harmonics of blade root loads for baseline rotor, no root element stiffness variation

Flap
Stiffness
Variation

Actuation
Frequency
(Magnitude)

Optimal
Phase
Angle,φ

2/rev (15%)

240°

Increases

Fz4p (70%)

Mx4p (20%),
My4p (10%)

5/rev (5%)
3/rev (15%)

135°
225°
200°
320°

4/rev (15%)

100°

Fz4p (20%)

3/rev (15%)

2/rev (15%)

Torsion
Stiffness
Variation

Decreases

Fx4p, Fy4p (60%)
Fz4p (40%)
4p
Mx (60%), My4p (80%)
Fx4p, Fy4p (30%)
Fz4p (30%)
Fx4p, Fy4p (20-30%)
Mz4p (20%)
Mz4p (80%)
Fz4p (40%)
Mz4p (80%)
Fz4p (15%)

0°
45°

Lag
Stiffness
Variation

Significant Changes in Vibratory hub loads

3/rev (5%)

90°

Mx4p (20%)
Mz4p (25%)
***
***
***
***
***
***

Table 4.2: Summary of beneficial effects of stiffness variations on vibratory hub loads
*

All vibratory hub forces are in % of Fz0 (5940 lbs.), all vibratory hub moments are in % of Mz0 (5244 ft-lbs.)
Blade root shears are non-dimensionalized by moΩ2R2, blade root moments are non-dimensionalized by moΩ2R3
***
Up to 10% increases in vibratory hub loads.

**
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Blade
Root
Loads
Sr
Sx
Sz
Mφ
Mβ
Mζ

Change in Harmonics (% Baseline)
1/rev
-0.28
-0.24
1.44
0.67
-0.41
-0.26

2/rev

3/rev

-3.63
8.86
8.31
0.55
42.26
-11.42

-1.52
-16.20
12.69
3.26
17.86
14.33

4/rev

5/rev

-4.84
0.89
-73.49
11.25
-34.22
1.69

12.45
-11.67
-63.48
-22.11
-39.83
-5.75

Table 4.3a: Change in harmonics of blade root loads due to 2/rev variation in flap stiffness
EI β = EI β + ∆EI β2 p sin( 2ψ + φ ), ∆EI β2 p = 0.15 EI β , φ = 240 o

{

Blade
Root
Loads
Sr
Sx
Sz
Mφ
Mβ
Mζ

}

Change in Harmonics (% Baseline)
1/rev
0.14
0.00
1.29
0.14
-0.23
0.00

2/rev

3/rev

-5.52
-6.96
-3.26
-0.94
-6.25
7.33

-9.02
-6.46
-23.66
-20.60
-72.72
18.65

4/rev
87.89
36.37
-31.33
22.62
-2.86
24.02

5/rev
-64.65
30.09
133.68
18.05
367.45
64.89

Table 4.3b: Change in harmonics of blade root loads due to 3/rev variation in flap stiffness
EI β = EI β + ∆EI β3 p sin(3ψ + φ ), ∆EI β3 p = 0.15EI β , φ = 45 o

{

Blade
Root
Loads
Sr
Sx
Sz
Mφ
Mβ
Mζ

}

Change in Harmonics (% Baseline)
1/rev
4.48
5.31
-1.16
-0.09
0.23
6.49

2/rev

3/rev

-1.26
-0.36
0.21
0.13
-0.15
13.21

-15.31
-43.88
-3.13
-59.47
-7.07
207.14

4/rev
-20.98
-21.13
-3.31
-60.93
0.95
-19.34

5/rev
95.95
98.19
-0.87
5.01
4.49
164.77

Table 4.4a: Change in harmonics of blade root loads due to 2/rev variation in lag stiffness
EI ζ = EI ζ + ∆EI ζ2 p sin(2ψ + φ ), ∆EI ζ2 p = 0.15 EI ζ , φ = 90 o

{

}
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Blade
Root
Loads
Sr
Sx
Sz
Mφ
Mβ
Mζ

Change in Harmonics (% Baseline)
1/rev
-0.13
-0.14
-0.06
-0.03
0.04
-0.18

2/rev

3/rev

2.41
5.96
-0.17
-0.04
-0.58
9.96

2.25
6.66
-0.04
-18.84
0.27
-12.53

4/rev
-38.37
-72.63
6.03
99.69
11.96
-86.70

5/rev
40.71
-23.89
-37.89
276.22
-41.53
-13.28

Table 4.4b: Change in harmonics of blade root loads due to 3/rev variation in lag stiffness
EI ζ = EI ζ + ∆EI ζ3 p sin(3ψ + φ ), ∆EI ζ3 p = 0.05 EI ζ , φ = 135 o

{

Blade
Root
Loads
Sr
Sx
Sz
Mφ
Mβ
Mζ

}

Change in Harmonics (% Baseline)
1/rev
0.13
0.16
-0.09
-0.01
0.05
0.20

2/rev

3/rev

2.74
8.64
0.38
0.50
0.66
31.78

0.21
-4.31
-1.83
3.21
-1.50
33.99

4/rev
57.10
25.05
-39.29
75.73
-42.49
7.66

5/rev
90.58
45.32
-26.80
64.85
-26.06
80.77

Table 4.4c: Change in harmonics of blade root loads due to 3/rev variation in lag stiffness
EI ζ = EI ζ + ∆EI ζ3 p sin(3ψ + φ ), ∆EI ζ3 p = 0.05 EI ζ , φ = 225 o

{

Blade
Root
Loads
Sr
Sx
Sz
Mφ
Mβ
Mζ

}

Change in Harmonics (% Baseline)
1/rev
-0.01
0.00
0.03
0.00
0.02
-0.01

2/rev

3/rev

0.14
0.27
0.14
0.10
0.12
-0.11

0.20
-0.50
-0.96
-25.93
-1.08
4.27

4/rev
-22.76
-60.42
5.56
111.85
16.78
-75.04

5/rev
563.21
579.04
-73.41
304.38
-86.93
784.53

Table 4.4d: Change in harmonics of blade root loads due to 5/rev variation in lag stiffness
EI ζ = EI ζ + ∆EI ζ5 p sin(5ψ + φ ), ∆EI ζ5 p = 0.05 EI ζ , φ = 200 o

{

}
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Blade
Root
Loads
Sr
Sx
Sz
Mφ
Mβ
Mζ

Change in Harmonics of Blade Root Loads (% Baseline)
1/rev
0.00
0.00
-0.05
0.03
-0.05
0.00

2/rev

3/rev

0.26
0.57
0.19
-0.54
0.14
0.27

-0.80
-2.53
-2.40
-22.91
-2.48
-5.48

4/rev
-1.84
-2.88
-15.83
258.13
-18.77
-2.97

5/rev
32.47
-6.29
6.78
586.79
9.80
-8.70

Table 4.5a: Change in harmonics of blade root loads due to 3/rev variation in torsion stiffness
GJ = GJ + ∆GJ 3 p sin(3ψ + φ ), ∆GJ 3 p = 0.15GJ , φ = 320o

{

Blade
Root
Loads
Sr
Sx
Sz
Mφ
Mβ
Mζ

}

Change in Harmonics of Blade Root Loads (% Baseline)
1/rev
0.04
0.01
0.08
0.17
0.07
0.04

2/rev

3/rev

0.18
0.18
0.20
0.41
0.35
0.72

-0.53
-0.64
-0.45
-32.68
-0.56
-4.02

4/rev
-0.14
-1.24
-20.88
295.43
-25.26
-1.44

5/rev
-37.26
-11.76
-2.47
1958.34
-1.28
-12.35

Table 4.5b: Change in harmonics of blade root loads due to 4/rev variation in torsion stiffness
GJ = GJ + ∆GJ 4 p sin( 4ψ + φ ), ∆GJ 4 p = 0.15GJ , φ = 100 o

{

}
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Chapter 5

Optimal Control Study
The results presented in Chapter 4 clearly demonstrated that harmonic variations in root element
stiffness could affect hub vibration levels. However, while a certain stiffness variation was most
effective in reducing a particular component of hub load it often left other components
unaffected, or even increased them. The present chapter applies the optimal semi-active control
scheme developed in Chapter 3 to determine the amplitude and phase of multi-harmonic
variation in flap, lag, and torsion stiffness for simultaneously reducing all components of hub
vibration.

Again, the effectiveness of optimal cyclic variations in blade root stiffness on hub

vibration reduction is first examined at an advance ratio of 0.3, using Drees inflow model.
Helicopter and rotor configurations are similar to that used in Chapter 4, with properties
presented in Appendix H (Table H.1) and stiffness variations are achieved by varying root
element stiffness cyclically (see Fig. 2.10 and Eq. 2.12). Five beam elements are used to model
the rotor blade, and 6 modes (2 flap, 2 lag, and 2 torsion modes) are included in modal
transformation.

The baseline vibratory hub loads and blade root loads were already presented

in Table 4.1a and 4.1b, respectively.

The performance of the optimal control scheme is

presented for; (i) a single harmonic case using 3/rev flap stiffness variation in Section 5.1, (ii)
multi-harmonic cases using 2-3/rev flap and 3/rev lag stiffness variations in Section 5.2, and 23/rev variations of both flap and lag stiffness in Section 5.3. Both gradient and non-gradient
based optimization methods are employed and the effect of penalty on semi-active inputs are
examined as well. The effectiveness of the multi-harmonic stiffness variations is also evaluated
for various rotor configurations (Section 5.4) and cruise speeds (Section 5.5). Section 5.6
summarizes the results presented in this chapter.
5.1 Optimal 3/rev flap stiffness variation
Using the gradient-based optimization method (presented in Section 3.1.1), optimal 3/rev flap
stiffness variation is determined for maximum vibration reduction without any penalty on the
semi-active input (J = Jz, Wu = 0). The amplitude of the optimal 3/rev flap stiffness variation is
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determined to be ∆EIβ3p = 10.75% of the baseline flap stiffness, EI β , and the phase, φ = 22.5°.
Fig. 5.1 shows contours corresponding to constant values of the vibration index, Jz, versus cosine
and sine components of the 3/rev flap stiffness variations. It is seen that the optimal solution
yields a 65% reduction in vibration index, and the corresponding reductions in individual
components of vibratory hub loads are shown in Fig. 5.2. From the figure it is seen that 40-60%
reductions in the in-plane hub forces and moments, and 25-30% reductions in the vertical shear
and hub torque are simultaneously achieved. Corresponding to the optimal 3/rev flap stiffness
variation, the harmonics of blade root loads are calculated and summarized in Table 5.1. Small
percentage increases in Sr4p and Mβ4p, and larger percentage increases in Sz5p and Mβ5p are
observed. However, it should be noted that the baseline values for the 5th harmonic of all
components of blade root loads are extremely small (see Table 4.1b).
5.2 Optimal 2,3/rev flap & 3/rev lag stiffness variations
Next, 2/rev and 3/rev flap stiffness variation and 3/rev lag stiffness variation is simultaneously
considered for vibration reduction. Using the gradient-based minimization (described in Section
3.1.1) for maximum vibration reduction (J = Jz, Wu = 0), the optimal stiffness variations are
presented in Table 5.2. For these optimal stiffness variations, the performance index, Jz, is
reduced by a significant 91% (compared to the baseline).

The reductions in individual

components of vibratory hub loads are shown in Fig. 5.3 (55-65% reductions in Fx4p and Fy4p, a
70% reduction in Fz4p, 75-80% reductions in Mx4p and My4p, and a 90% reduction in Mz4p are
observed). As expected, these reductions are significantly larger than those obtained using
optimal 3/rev flap stiffness variations alone. However a large 2/rev flap stiffness variation was
required (Table 5.2).
5.3 Optimal 2,3/rev Flap & Lag Stiffness Variations
Vibration reductions achieved using optimal flap (2/rev and 3/rev), and lag (2/rev and 3/rev)
stiffness variations are presented in Fig. 5.4, now using both gradient (see Section 3.1.1) and
non-gradient (see Section 3.1.2) based optimization methods. The objective function to be
minimized, again, consists of only the components of vibratory hub loads, without any penalty
on semi-active inputs (J = Jz, Wu = 0). The corresponding optimal stiffness variations are shown
in Table 5.3a and Table 5.3b using gradient and non-gradient based optimizations, respectively.
93

Overall, the vibration reductions obtained are slightly larger than the corresponding reductions in
the previous section without 2/rev lag stiffness variations (compare Fig. 5.3 to the results in Fig.
5.4 corresponding to gradient based optimization; and note also that Jz is reduced further from
8.92% to 7.34%). It is observed that the optimal stiffness variations obtained using non-gradient
based optimization (Table 5.3b) are different from those determined through gradient-based
optimization (Table 5.3a), and the optimal stiffness variations (from non-gradient based
optimization) produces larger overall vibration reduction (evident from the lower value of
performance index, Jz). This suggests that the gradient-based optimization located a localminimum (as opposed to the global-minimum located using the non-gradient based approach).
However, due to the nature of the non-gradient based optimization, the calculation time used is
much longer than that of the gradient-based optimization. This would make it virtually
unpractical to use the non-gradient based approach in an actual closed-loop adaptive controller.
Both gradient as well as non-gradient based solutions yield large 2/rev flap stiffness variation,
and the gradient-based approach further requires large 2/rev lag stiffness variation.
Due to large 2/rev stiffness variations requirement, the objective function is extended to include
a penalty weighting on the semi-active inputs (Wu = I) in order to reduce the required semi-active
inputs. As a result, the optimal stiffness variations are reduced significantly (Table 5.3c),
without much of a penalty on the vibration reduction performance (see Fig. 5.5). Introduction of
an input penalty reduces the optimal ∆EIζ2p from 31% to 15% of the baseline lag stiffness (the
vibration performance index is virtually unchanged). For many other cases similar results were
obtained – significant reductions in required stiffness variations for relatively small reductions in
performance, due to introduction of a penalty on control inputs (Wu = I). For the optimal
stiffness variations of Table 5.3c with penalty on the input controls, the changes in harmonics of
blade root loads (compared to the baseline) are summarized in Table 5.4. Although large
percentage increases are seen in Mφ4p, and most of the 5/rev components of blade root loads, the
baseline values for harmonics of the blade root pitching moment, and the 5/rev components of all
root loads are very small (Table 4.1b).
5.4 Influence of Baseline Stiffness on Effectiveness of Vibration Control
Sections 5.1-5.3 established the effectiveness of multi-cyclic variations in flap and lag stiffness
for reduction of vibrations of the baseline configuration whose properties are given in Table H.1.
94

The present section examines the effectiveness of optimal 2, 3/rev flap and lag stiffness
variations (determined using gradient based optimization with input penalty, Wu
different rotor configurations.

= I) for

Specifically, the rotor flap, lag, and torsion stiffness (and

correspondingly, the flap, lag, and torsion frequencies) are individually varied, and the
effectiveness of cyclic stiffness variations to reduce vibration are re-examined.
Figure 5.6 shows the hub vibration index, Jz, for variation in fundamental flap stiffness (lag
frequency). As the blade baseline flap stiffness, EI β , (and flap frequency) decreases, the
vibration index (without cyclic stiffness variation) initially increases by 30% but then decreases
once the first flap frequency is reduced below 1.125/rev. This peak vibration coincides with the
second natural flap frequency passing through 3/rev. With optimal 2/rev and 3/rev flap and lag
stiffness variations (determined using gradient based optimization, with input constraint)
vibration levels are reduced significantly over the entire range of flap frequency variation
(vibration index, Jz, seen to be less than 8% in Fig. 5.6). The stiffness variation (input effort)
required does not show great sensitivity to flap frequency variation (as seen by the fact that Ju
remains relatively unchanged).
For variation in blade lag stiffness (lag frequency), Figure 5.7 shows the effectiveness of the
stiffness variations in reducing hub vibration. As the blade baseline lag stiffness, EI ζ , (and lag
frequency) decreases, the vibration index (with no cyclic stiffness variation) increases sharply
when the first natural lag frequency is around 0.7/rev. This sharp vibration peak occurs due to the
second natural lag frequency passing through 4/rev, and is exacerbated by the low damping in
the lag mode. With optimal 2/rev and 3/rev flap and lag stiffness variations, it is seen in Fig. 5.7
that vibration levels are reduced significantly over the entire range of lag frequency (even around
the aforementioned resonance). Furthermore, the stiffness variation (input effort) required does
not show great sensitivity to lag frequency variation (Ju remains relatively uniform).
Figure 5.8 indicates that variation in the blade torsion stiffness, GJ, (corresponding to a torsion
frequency variation between 3/rev and 5/rev) does not produce any significant changes in
baseline vibration index (in the absence of stiffness variations). With optimal 2/rev and 3/rev flap
and lag stiffness variations, vibration levels are reduced by over 90%, over the entire range, with
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the stiffness variation (input effort) required, once again showing little sensitivity to torsion
frequency variation (Ju relatively uniform).
5.5 Effectiveness of Vibration Controller at Different Forward Speed
This section examines the effectiveness of optimal 2, 3/rev flap and lag stiffness variations,
determined by gradient based optimization method with input penalty, on reducing vibration at
different forward speeds. Figure 5.9 shows the hub vibration index, Jz, over forward speeds
ranging from advance ratio 0.25 to 0.35. It is seen that as the advance ratio increases, the
baseline vibrations (without cyclic stiffness variation) increase dramatically; with the index Jz
increasing from 30% to 275% of the value at advance ratio 0.3. However, with optimal 2/rev
and 3/rev flap and lag stiffness variations, the vibration index, Jz, is much smaller (well below
20%) and shows a much milder increase with advance ratio. It should be noted that in Fig. 5.9,
the optimal stiffness variations are recomputed at different forward speeds. The input effort
index, Ju, shows only a mild increase with advance ratio suggesting that there should be no
actuator saturation problem at higher speeds.
5.6 Summary on optimal control of root element stiffness variation
The semi-active optimal control scheme (using gradient and non-gradient based optimization) is
successful in producing optimal root element stiffness variation that significantly reduces all
components of hub vibrations.

The required stiffness variations can be reduced (without

significantly compromising performance) by introducing a penalty on the semi-active input in
the objective function. Reductions in the vibration performance index of over 90% are seen with
optimal multi-cyclic 2/rev and 3/rev combined flap and lag stiffness variations.

Multi-cyclic

flap and lag stiffness variations are seen to be effective in reducing hub vibration even when the
fundamental rotor properties (such as fundamental flap, lag, and torsion frequencies) are
changed. Additionally, the multi-cyclic flap and lag stiffness variations are effective in reducing
vibration at various forward speeds, without significant increase in the stiffness variation inputs.
However, it should be noted that while root element stiffness variation would be effective in
reducing vibration , the only way to practically realize it would be through the introduction of
discrete controllable stiffness devices in the blade root region.
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Figure 5.1: Contour plot of performance index, J, (% Baseline)
due to 3/rev flap stiffness variation
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Figure 5.2: Hub vibration reduction due to optimal 3/rev flap stiffness variation
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Figure 5.3: Hub vibration reduction due to optimal 2,3/rev flap and 3/rev lag stiffness variations
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Figure 5.4: Hub vibration reduction due to optimal 2,3/rev flap and lag stiffness variations with
gradient based (G) and non-gradient based (NG) optimizations
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Figure 5.5: Hub vibration reduction due to optimal 2,3/rev flap and lag stiffness variations with
(Wu = I) and without (Wu = 0) input penalty
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Figure 5.6: Effectiveness of optimal 2,3/rev flap and lag stiffness variations for different values
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Figure 5.7: Effectiveness of optimal 2,3/rev flap and lag stiffness variations for different values
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Blade Root
Loads
Sr
Sx
Sz
Mφ
Mβ
Mζ

Change in Harmonics (% Baseline)
1/rev
-0.03
-0.12
0.70
0.09
-0.02
-0.11

2/rev
-3.35
-2.13
-1.94
-1.20
-3.83
4.72

3/rev
-19.73
-62.01
-61.32
-12.75
-50.76
-55.01

4/rev
24.45
-17.08
-30.92
-27.71
11.19
-26.62

5/rev
-38.55
-33.41
59.58
-14.74
231.91
-3.01

Table 5.1: Change in harmonics of blade root loads due to optimal 3/rev flap stiffness variation

Input
Flap stiffness
variation
Lag stiffness
variation

Amplitude

Phase

2/rev

∆EIβ = 23 % EI β

-111°

3/rev

∆EIβ = 15 % EI β

31°

3/rev

∆ EIζ = 8 % EI ζ

42°

Table 5.2: Optimal 2, 3/rev flap and 3/rev lag stiffness variations (Jz = 8.92)

Input

Amplitude

Phase

Flap stiffness
variation

2/rev

∆EIβ = 22 % EI β

-102°

3/rev

∆EIβ = 14 % EI β

48°

Lag stiffness
variation

2/rev

∆ EIζ =31 % EI ζ

45°

3/rev

∆ EIζ = 8 % EI ζ

47°

Table 5.3a: Optimal 2, 3/rev flap and lag stiffness variations using gradient based optimization,
without input penalty (Wk = 0), (Jz = 7.34)
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Input

Amplitude

Phase

Flap stiffness
variation

2/rev

∆EIβ = 23 % EI β

-125°

3/rev

∆EIβ = 14 % EI β

27°

Lag stiffness
variation

2/rev

∆ EIζ =9 % EI ζ

66°

3/rev

∆ EIζ = 7 % EI ζ

41°

Table 5.3b: Optimal 2, 3/rev flap and lag stiffness variations using non-gradient based
optimization, without input penalty (Wk = 0), (Jz = 3.55)

Input

Amplitude

Phase

Flap stiffness
variation

2/rev

∆EIβ = 18 % EI β

-108°

3/rev

∆EIβ = 13 % EI β

37°

Lag stiffness
variation

2/rev

∆ EIζ =15 % EI ζ

59°

3/rev

∆ EIζ = 6 % EI ζ

44°

Table 5.3c: Optimal 2, 3/rev flap and lag stiffness variations using gradient based optimization
with input penalty (Wk = I)

Blade Root
Loads
Sr
Sx
Sz
Mφ
Mβ
Mζ

Change in Harmonics (% Baseline)
1/rev
1.62
2.04
1.75
0.58
-0.28
2.12

2/rev
-11.57
0.77
5.60
-2.06
43.44
-18.61

3/rev
-34.60
-22.39
-26.26
-50.34
-83.15
40.85

4/rev
-65.57
-86.37
-60.63
112.65
25.06
-76.33

5/rev
160.51
194.45
77.53
66.93
167.71
254.16

Table 5.4: Change in harmonic of blade root loads due to the optimal 2,3/rev flap and lag
stiffness variations (Wk = I)
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Chapter 6

Discrete Controllable Stiffness Devices
The results in Chapters 4 and 5 illustrated that if the stiffness of the blade root region is
cyclically varied, it will be effective in reducing helicopter hub vibration. The current chapter
takes a step toward practical implementation of the concept by introducing discrete controllable
stiffness devices (see Fig. 2.11) to control the effective stiffness of the blade root region. The
rotor blade is modeled using five beam elements, with 6 modes (2 flap, 2 lag, and 2 torsion
modes) included in modal transformation. Optimal device stiffness variations are calculated
using the optimal semi-active control scheme developed in Chapter 3 through gradient based
optimization method. The effectiveness of discrete controllable stiffness devices in reducing hub
vibration is investigated first at a moderate advance ratio of 0.3, using Drees inflow model. The
flap and lag controllable stiffness devices are modeled using the dual spring model (see Section
2.2.2.1, and Figs. 2.12a-2.12b), and the torsion discrete controllable stiffness device is modeled
using the single spring model (see Section 2.2.2.2 and Fig. 2.13c). The stiffness variations are
achieved by varying the stiffness of discrete devices cyclically (Eq. 2.15 and Eq. 2.16). Baseline
configuration is presented in Section 6.1. The performance of optimal stiffness variation using
flap, lag, and torsion controllable stiffness devices is examined individually in Sections 6.2, 6.3,
and 6.4, respectively. Based on the performance of each individual device, Section 6.5 evaluates
performance of optimal vibration control using combined controllable stiffness devices. Sections
6.6 and 6.7, respectively, demonstrate the effectiveness of the vibration control system for
variations in baseline configuration and cruise speed. Summary of the results is presented in
Section 6.8.

6.1 Baseline configuration
Helicopter and rotor configurations are similar to that used in Chapters 4 and 5, with properties
presented in Appendix H (Table H.1). The only exception is that the stiffness of the flexure are
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reduced to compensate for the stiffness provided by the discrete controllable stiffness devices
(see Table 6.1 for properties of flexure and the controllable stiffness devices).

For this

configuration, the baseline vibratory hub loads and blade root loads are given in Tables 6.2 (for
advance ratios of 0.3 and 0.35).

The baseline vibratory hub loads, shown in Table 6.2a,

corresponds to the baseline vibration performance index, Jz = 100, to which all results in this
chapter are compared.
6.2 Optimal 2,3/rev flap stiffness variations
Using only the controllable flap stiffness device (see Fig. 2.12a), 2/rev and 3/rev variations in
translational flap spring stiffness, K w , is considered through Eq. 2.15 (corresponding change in
rotational flap spring stiffness, K w′ , are obtained through Eq. 2.16). The optimal amplitudes and
phases of the 2,3/rev flap spring stiffness variations, calculated using the gradient based
optimization procedure in Chapter 3, are summarized in Table 6.3. For these optimal stiffness
variations, the output vibration index, Jz, is reduced by 76% as compared to its baseline value.
The corresponding reductions in individual components of hub loads are shown in Fig. 6.1 (5560% reduction in Fx4p and Fy4p, 75% reduction in Fz4p, 45-50% reduction in Mx4p and My4p, and a
30% reduction in Mz4p are observed).
6.3 Optimal 2,3/rev lag stiffness variations
Next, the controllable lag stiffness device is used (see Fig. 2.12b), and the 2/rev and 3/rev
variations in translational and rotational lag spring stiffness, K v and K v′ , are introduced using
Eq. 2.15 and 2.16, respectively. The optimal lag spring stiffness variation inputs are shown in
Table 6.4. For these spring stiffness variations, the vibration reduction achieved are presented in
Fig. 6.2. 30% reductions in vibratory hub forces as well as a 40% reduction in Mz4p are
observed. The output vibration index, Jz, is decreased by 40%, however a large 2/rev lag stiffness
variation is required.
6.4 Optimal 3,4/rev torsion stiffness variations
Optimal 3/rev and 4/rev variations in torsion spring stiffness are examined, using a controllable
torsion stiffness device (Fig. 2.13c). Optimal torsion stiffness variation is presented in Table 6.5.
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These stiffness variations produce only a 9% reduction in vibration index, Jz, which corresponds
to individual reduction in components of hub loads shown in Fig. 6.3. Figure 6.3 shows that
only Fz4p is affected by the torsion stiffness variations and is reduced by 16%. This corroborates
the observations in the sensitivity studies in Section 4.1.3. Due to the relative ineffectiveness of
the torsion stiffness variation, it is not pursued further.

6.5 Optimal 2,3/rev flap and lag stiffness variations
Based on the promising performance of the flap and lag spring stiffness variations (presented in
Sec. 6.2 - 6.3), they are examined in further vibration reduction studies. Hub vibration reduction
achieved with optimal 2/rev and 3/rev flap, and 2/rev and 3/rev lag spring stiffness variations are
presented in Fig. 6.4 and the corresponding optimal inputs are shown in Table 6.6. These
optimal stiffness variations produce an 85% reduction in vibration index, which corresponds to
55-75% reductions in individual components of the vibratory hub loads. Corresponding changes
in blade root loads are calculated and summarized in Table 6.7. A moderate percentage increase
in Mβ2p, and large percentage increases in Mφ4p, Sz5p, and Mβ5p are observed. However, it should
be noted that the baseline values for Mφ4p and the 5th harmonic of all components of blade root
loads are extremely small (see Table 6.2b).

6.6 Influence of flexure stiffness on effectiveness of vibration control
The effectiveness of the combined flap and lag spring stiffness variations for vibration reduction
was demonstrated in Section 6.5 for the baseline configuration (properties are given in Table
6.1). The present section examines the effectiveness of the combined flap and lag spring
stiffness variation in reducing vibration when blade structural properties change, especially the
flexure stiffness. Without modifying the controllable device, the flap, lag, and torsion flexure
stiffness are individually varied by ± 25% of their baseline values, and the effectiveness of the
2,3/rev flap and lag spring stiffness variations are re-examined.
Figures 6.5, 6.6, and 6.7 show effectiveness of the 2,3/rev flap and lag spring stiffness variations
and uncontrolled vibration index when the flap, lag, and torsional flexure stiffness are varied,
respectively. Overall, the multi-cyclic semi-active controller retains its effectiveness (producing
over 80% reduction in vibration index, Jz) over the ranges of variations in root flap, lag, and
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torsion stiffness. Additionally, the control effort index, Ju, shows little sensitivity to the changes
in the flexure stiffnesses.
6.7 Effectiveness of vibration controller at different forward speed
This section examines the effectiveness of the 2/rev and 3/rev flap and lag spring stiffness
variation for vibration reduction at different forward speeds. Figure 6.8 shows the hub vibration
index, Jz, over forward speed ranging from advance ratio of 0.25 to 0.35, with the optimal
stiffness variations re-calculated based on operating condition. It is seen that as the advance ratio
increases, the baseline vibration index (without device stiffness variation) increases dramatically;
with the vibration index increasing from 30% to 275% of the nominal value at advance ratio 0.3.
However, with optimal 2/rev and 3/rev flap and lag spring stiffness variations, the vibration
index shows a much milder increase from 6% to 40% (of the value at advance ratio of 0.3) over
the range of advance ratios considered. The control effort index, Ju, also increases moderately in
the range of advance ratio.
6.8 Summary on discrete controllable stiffness device
It is demonstrated that discrete controllable stiffness devices could produce simultaneous
reductions in all components of vibratory hub loads, using the gradient-based optimization. An
85% reduction in the vibration performance index was observed when optimal 2/rev and 3/rev
flap and lag stiffness variation inputs were simultaneously employed. Cyclic torsion stiffness
variations were much less effective (only influenced the vertical vibratory force). Multi-cyclic
flap and lag stiffness variations were seen to be effective in reducing hub vibration even when
the fundamental rotor properties (root element flexural flap, lag, and torsion stiffness) and the
operating condition (forward speed) were changed.
In this chapter, however, the controllable stiffness devices were modeled using only the simple
dual spring model, and rotor inflow was calculated by linear inflow model (which is an
approximated version of the complicated rotor inflow). To increase the fidelity of vibration
reduction prediction, more complicated device model and rotor inflow model are used in the
following chapter.
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Figure 6.1: Hub vibration reduction due to optimal 2,3/rev discrete flap stiffness variations
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Figure 6.2: Hub vibration reduction due to optimal 2,3/rev discrete lag stiffness variations
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Figure 6.3: Hub vibration reduction due to the optimal 3,4/rev discrete torsion stiffness variations
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Figure 6.4: Hub vibration reduction due to the optimal 2,3/rev discrete flap and lag spring
stiffness variations
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Figure 6.5: Effectiveness of optimal 2,3/rev discrete flap and lag spring stiffness variations for
different value of flap flexure stiffness
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Figure 6.6: Effectiveness of optimal 2,3/rev discrete flap and lag spring stiffness variations for
different value of lag flexure stiffness
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Figure 6.7: Effectiveness of optimal 2,3/rev discrete flap and lag spring stiffness variations for
different value of torsional flexure stiffness
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Figure 6.8: Effectiveness of the optimal 2,3/rev discrete flap and lag spring stiffness variations
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Flexure (Root Element)
Properties

Flap bending stiffness EIβroot/ EIβ
Lag bending stiffness EIζroot/ EIζ
Torsional stiffness GJroot/GJ

K w /( EIβ /R3)

0.70
0.60
0.70
0.2

K v /( EIζ /R3)

0.1

Controllable Stiffness
Device Properties

2

Blade Natural
Frequencies

K φ /( GJ /R )

0.2

K w′
K v′
υw, υv
Flap
Lag
Torsion

υw K w
υv K v
(0.2R)2/3
1.199, 3.593, 7.825/rev
0.802, 4.503, 11.174/rev
4.833, 13.742/rev

Table 6.1: Discrete controllable stiffness device and blade flexure properties

Vibratory Hub Loads*
Fx4p
Fy4p
Fz4p
Mx4p
My4p
Mz4p

0.8519
0.8774
0.7428
9.9448
10.1842
3.6279

Table 6.2a: 4/rev vibratory hub loads for baseline rotor - no stiffness variation
(Drees inflow, µ = 0.3)

Blade Root
Loads
Sr
Sx
Sz
Mφ
Mβ
Mζ

1/rev
0.09395
0.08132
0.04448
-0.01259
-0.20101
-0.44682

2/rev
0.00770
0.00412
0.04007
-0.00406
-0.16374
-0.01932

Harmonics**
3/rev
0.00293
0.00144
0.01432
-0.00038
-0.05066
-0.00419

4/rev
0.00077
0.00241
0.00186
-0.00012
-0.00582
-0.00907

5/rev
0.00012
0.00024
0.00035
-0.00005
-0.00096
-0.00091

Table 6.2b: Harmonics of blade root loads for baseline rotor - no stiffness variation
(Drees inflow, µ = 0.3)
*

All vibratory hub forces are in % Fz0 (5943 lbs.), all vibratory hub moments are in % Mz0 (5222 ft-lbs.)
Blade root shears are non-dimensionalized by moΩ2R2, blade root moments are non-dimensionalized by moΩ2R3

**
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Vibratory Hub Loads*
Fx4p
1.6477
4p
Fy
1.7219
Fz4p
1.2152
4p
Mx
12.8669
4p
My
13.1485
Mz4p
6.0201
Table 6.2c: 4/rev vibratory hub loads for baseline rotor - no stiffness variation
(Drees inflow, µ = 0.35)
Blade Root
Loads
Sr
Sx
Sz
Mφ
Mβ
Mζ

1/rev
0.11461
0.09883
0.07277
-0.01283
-0.26453
-0.44750

2/rev
0.01138
0.00555
0.05577
-0.00490
-0.18860
-0.02161

Harmonics**
3/rev
0.00565
0.00286
0.02254
-0.00055
-0.06550
-0.00719

4/rev
0.00156
0.00484
0.00304
-0.00020
-0.00770
-0.01505

5/rev
0.00027
0.00054
0.00060
-0.00009
-0.00139
-0.00167

Table 6.2d: Harmonics of blade root loads for baseline rotor - no stiffness variation
(Drees inflow, µ = 0.35)
Amplitude
(∆Kw/ K w )

Phase

2/rev

19 %

-101.3°

3/rev

17 %

23.6°

Input
Flap device
stiffness
variation

Table 6.3: Optimal 2, 3/rev flap device stiffness variations (Jz = 24.2)

Amplitude
(∆Kv/ K v )

Phase

2/rev

34 %

141.4°

3/rev

6%

-135.5°

Input
Lag device
stiffness
variation

Table 6.4: Optimal 2, 3/rev lag device stiffness variations (Jz = 60.8)
*

All vibratory hub forces are in % of Fz0 (5943 lbs.), all vibratory hub moments are in % of Mz0 (5222 ft-lbs.)
Blade root shears are non-dimensionalized by moΩ2R2, blade root moments are non-dimensionalized by moΩ2R3

**
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Amplitude
(∆Kφ / K φ )

Phase

3/rev

15 %

-21.8°

4/rev

19 %

102.5°

Input
Torsion device
stiffness
variation

Table 6.5: Optimal 2, 3/rev torsion device stiffness variations (Jz = 91.3)

Input

Amplitude

Phase

Flap device
stiffness
variation

2/rev

∆ Kw = 23 % K w

-103.6°

3/rev

∆ Kw = 20 % K w

26.1°

Lag device
stiffness
variation

2/rev

∆ Kv = 11 % K v

101.6°

3/rev

∆ Kv = 7 % K v

42.8°

Table 6.6: Optimal 2, 3/rev flap and lag device stiffness variations (Jz = 14.28)

Blade Root
Loads
Sr
Sx
Sz
Mφ
Mβ
Mζ

Change in Harmonics (% Baseline)
1/rev
1.57
1.90
2.11
0.38
-0.31
2.67

2/rev

3/rev

-14.95
-3.57
6.96
-2.49
34.41
-8.44

-28.37
-12.35
-43.96
-0.21
-56.79
-38.54

4/rev
-0.03
-75.73
-67.15
209.88
6.37
-59.47

5/rev
-62.85
-5.86
155.78
21.26
360.60
-6.03

Table 6.7: Change in harmonics of blade root loads due to the optimal 2,3/rev flap and lag spring
stiffness variations
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Chapter 7

Discrete Controllable Stiffness Device Results - Model Refinements

The results presented in Chapter 6 demonstrated that discrete controllable stiffness devices could
produce significant hub vibration reduction. However, the simple rotor inflow model (Drees
inflow) and controllable stiffness device model (dual spring model) were considered. This
chapter evaluates vibration reductions achievable when a sophisticated rotor wake model (free
wake model) along with more physical representations of discrete controllable stiffness devices
(see Fig. 2.11 and description presented in Section 2.2.2.2) are considered. The stiffness of those
discrete devices is varied cyclically (see Eq. 2.15) to reduce hub vibration at moderate flight
speeds. Based on the convergence study presented in Appendix I, five finite elements and 10
modes (4 flap, 4 lag, and 2 torsion modes) are used to represent the rotor blade. The baseline
configuration is summarized in Section 7.1. The effectiveness of individual discrete controllable
stiffness devices (flap, lag, and torsion devices) is examined in Sections 7.2, 7.3, and 7.4,
respectively. Section 7.5 examines the effectiveness of optimal vibration control using combined
controllable stiffness devices (devices are chosen based on their individual performance).
Sections 7.6 and 7.7 demonstrate the performance of the discrete controllable stiffness devices in
reducing hub vibration for variations in configuration properties and cruise speed, respectively.
Based on these results, Section 7.8 summarizes the effectiveness of the discrete controllable
stiffness device on hub vibration reduction.

7.1 Baseline configuration
The baseline configuration is similar to that already presented in Chapter 6, except that the
flexure stiffnesses are slightly modified, to compensate for the changed stiffness contributions
from the single spring model of the discrete controllable stiffness devices (Section 2.2.2.2).
Properties of blade flexure and discrete controllable stiffness devices are provided in Table 7.1.
For this configuration, the baseline vibratory hub loads and blade root loads are given in Tables
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7.2 (at an advance ratio of 0.30, using free wake analysis to obtain rotor inflow). The hub
vibration levels in Table 7.2a corresponds to a vibration performance index Jz = 100, and are
used as a point of reference to which vibration levels are compared when optimal stiffness
variations are introduced.

7.2 Optimal 2,3/rev flap device stiffness variations
Multi-cyclic variations in the stiffness of only the flap device (see Fig. 2.13a) are considered
first. The optimal 2/rev and 3/rev flap stiffness variations (amplitude and phase values) are
determined using the approach described in Chapter 3, and are presented in Table 7.3. For these
optimal stiffness variations, the output vibration index, Jz, is reduced by 31%, compared to the
baseline value. The corresponding reductions in individual components of vibratory hub loads
are shown in Fig. 7.1. An 80% reduction in in-plane hub drag force, Fx4 p , and a 45% reduction
in in-plane hub side force, F y4 p , are observed. Changes in the other components of vibratory
hub loads are less than 10%. The variation in device stiffness over a single rotor revolution is
shown in Fig. 7.2 and is bounded between 35% and 160% of the baseline value, K w .

7.3 Optimal 2,3/rev lag device stiffness variations
Next, variations in the stiffness of the lag device (see Fig. 2.13b) are examined. The optimal
2/rev and 3/rev stiffness variations of the lag device are presented in Table 7.4. These optimal
lag device stiffness variations result in a 16% reduction in the vibration index, Jz, relative to the
baseline, with changes in the individual components of vibratory hub loads shown in Fig. 7.3.
From the figure, a 45% reduction in in-plane hub drag force, Fx4 p , and a 25% reduction in inplane hub side force, F y4 p , are observed; with the other components not showing any significant
changes. The combination of the 2/rev and 3/rev inputs (amplitude and phase) implies that the
lag device stiffness varies between 53% and 150% of the baseline value, K v , over a single rotor
revolution (stiffness variation not shown).

116

7.4 Optimal 3,4/rev torsion device stiffness variations
Multi-cyclic variations in the spring coefficient of the controllable torsion stiffness device are
considered next (see Fig. 2.13c).

Optimal 3/rev and 4/rev torsion stiffness variations are

presented in Table 7.5a and the corresponding reductions in individual components of vibratory
hub loads are shown in Fig. 7.4. Only a very modest reduction (under 5%) in the vibratory
vertical hub force, Fz4 p , is observed; and other components of hub vibratory loads have even
lower sensitivity. These observations are qualitatively similar to those previously reported in the
sensitivity study (Chapter 4), but the percentage reduction in Fz4 p is even smaller due to the
higher baseline vibration levels associated with the inclusion of the free-wake in the present
analysis. For the results in Table 7.5a and Fig. 7.4, a penalty weighting on the input of Wu =
0.02[I] was used, as the default value of Wu = I (for results in Sections 7.2 and 7.3) produced
torsion stiffness variations that were very small, and resulted in a negligible change in vibratory
hub loads.

To examine whether any further reductions in hub vibration are possible using cyclic torsion
stiffness variations, two additional cases are considered. In the first case, the penalty weighting
Wu is reduced (from 0.02[I] to 0.015[I]), allowing for larger percentage variations in spring
stiffness. In the second case, recognizing that the arbitrarily large percentage changes in spring
coefficient are not permissible and yet it is the actual physical values of the stiffness changes that
matter; K φ is itself increased to twice the baseline value. In this case, larger torsion stiffness
variation can be introduced even while the change in spring coefficient, as a percentage of the
baseline, is kept bounded (of course, the baseline rotor frequencies and vibration characteristics
themselves undergo some change). The reductions in the vibratory vertical hub force, Fz4 p , for
these two cases, shown in Fig. 7.5, suggest that only small improvements are possible. The
corresponding optimal stiffness variations are given in Tables 7.5b and 7.5c. As seen in previous
chapters, multi-cyclic torsion stiffness variations are again much less influential than flap and lag
stiffness variations, and are not further considered for semi-active helicopter vibration reduction.

117

7.5 Optimal 2,3/rev flap and lag device stiffness variations
From the results in Sections 7.2–7.4, it is clearly established that multi-cyclic variations in either
flap or lag device stiffness can significantly reduce some components of hub vibration, but
variation in torsion stiffness is relatively ineffective. The present section examines the possible
reductions in vibratory hub loads when optimal 2/rev and 3/rev flap, and 2/rev and 3/rev lag
stiffness variations are simultaneously considered (these results are presented in Fig. 7.6, and the
corresponding optimal inputs are shown in Table 7.6). The optimal stiffness variations produce a
33% reduction in the vibration index. It is seen that vibratory in-plane hub drag force, Fx4 p , is
virtually eliminated, and the hub side force, F y4 p , is reduced by 55%. Only minor changes in
other components of hub loads are observed.

For the optimal flap and lag stiffness variations, Table 7.7 shows the percentage changes in the
1st through 5th harmonics of the various components of blade root loads (with reference to the
baseline values given in Table 7.2b). None of the components of blade root loads show any
significant increases. The 3rd through 5th harmonics of the blade root radial shear, Sr, show
increases between 5-10%, the 4th harmonic of the blade root drag shear, Sx, shows an 8%
increase, the 3rd through 5th harmonics of the blade root pitching moment, Mφ, show between 712% increases, and the 4th harmonic of the blade root lag moment, Mζ, shows a 5% increase.
Significant reductions seen were in the 3rd harmonic of Sx (40%), 2nd harmonic of Mζ (30%), 3rd
harmonic of the blade root vertical shear, Sz (23%), and 5th harmonic of the blade root flapping
moment Mβ (40%).
7.6 Influence of flexure stiffness on effectiveness of vibration reduction
In section 7.5, simultaneous multi-cyclic variations in spring stiffness of both the flap and lag
devices were seen to significantly reduce the hub vibration levels for the baseline configuration
whose properties are given in Table 7.1. The present section verifies that the concept of using
multi-cyclic variations in spring coefficients of discrete controllable stiffness devices would be
effective even if the baseline configuration changes. Keeping the discrete controllable devices
unchanged from the baseline, the flap, lag, and torsion stiffness of the flexure (blade root
element) is individually varied by upto ± 25% of its nominal value. The optimal 2,3/rev flap and
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lag device stiffness variations are re-evaluated, and their influence examined on the vibratory
hub loads. Figures 7.7, 7.8, and 7.9 show reductions in vibration index, Jz, for variations in flap,
lag, and torsion stiffness, of the flexure, respectively. Overall, the multi-cyclic controller retains
its effectiveness (producing a 25%-35% reduction in vibration index, Jz, compared to the
uncontrolled case) over the range of variations considered in the flap, lag, and torsion stiffness of
the flexural element. The control effort index, Ju, shows a slight increase when the flap stiffness
or lag stiffness of the flexural element is reduced.

7.7 Effectiveness of vibration controller at different forward speeds
This section examines the effectiveness of 2/rev and 3/rev flap and lag stiffness variations for
vibration reduction at different cruise speeds. Figure 7.10 shows the vibration performance
index, Jz, with and without the multi-cyclic stiffness variations, over forward speeds ranging
from advance ratio of 0.25 to 0.35 (the optimal stiffness variations are re-calculated at different
flight speeds). The vibration performance index is normalized with respect to the baseline
(uncontrolled) vibrations at an advance ratio of 0.30 given in Table 7.2a, (corresponding to Jz =
100). It is seen that as the advance ratio increases from 0.30 to 0.35, the uncontrolled vibration
index increases from 100 to 320.

As the advance ratio decreases from 0.30 to 0.25, the

uncontrolled vibration index again increases from 100 to 400, due to the dominant effect of the
rotor wake at the lower advance ratio. With optimal 2/rev and 3/rev stiffness variations of the
flap and lag devices, the vibration index shows reductions across the advance ratio range. The
reductions in Jz, relative to the uncontrolled case, vary from 55% at an advance ratio of 0.25 to
around 33% at advance ratios between 0.3 and 0.35. The control effort index, Ju, shows only
mild variations over the range of forward speeds considered, despite the large differences in the
uncontrolled vibration levels.

7.8 Summary on effectiveness of discrete controllable stiffness device
With more sophisticated rotor inflow and device modeling, the results in this chapter
demonstrated that optimal multi-cyclic stiffness variations of discrete controllable stiffness
devices could reduce the vibratory hub loads. Multi-cyclic stiffness variations of the flap and lag
devices were most influential, and when optimal 2/rev and 3/rev stiffness variations of these
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devices were used in combination, the vibratory hub drag force was practically eliminated and
the vibratory hub side force was reduced by 55%. No significant detrimental effects were
observed on harmonics of the vibratory blade root loads. Multi-cyclic (3/rev and 4/rev) stiffness
variations of the torsion device produced only small reductions in the 4/rev hub vertical force.
Multi-cyclic stiffness variations of the flap and lag devices were seen to be effective in reducing
hub vibration even when there were changes in fundamental rotor properties such as the flap, lag,
and torsion stiffness of the root (flexure) element, and the cruise speed.
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Figure 7.1: Hub vibration reduction due to optimal 2,3/rev flap device stiffness variations
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Figure 7.2: Optimal flap device stiffness variation over one rotor revolution,
(with 2, 3/rev inputs from Table 7.3)
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Figure 7.3: Hub vibration reduction due to optimal 2,3/rev lag device stiffness variations
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Figure 7.4: Hub vibration reduction due to optimal 3,4/rev torsion device stiffness variations (Wu
= 0.02[I], baseline torsion device stiffness = K φ )
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Figure 7.5: Hub vibration reduction due to the optimal 3,4/rev torsion device stiffness variations,
with varying input weights (Wu) and baseline torsion spring stiffness ( K φ ,2 K φ )
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Figure 7.6: Hub vibration reduction due to optimal 2,3/rev flap and lag device stiffness variations
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Figure 7.7: Effectiveness of optimal 2,3/rev flap and lag device stiffness variations for different
values of flap flexure stiffness
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Figure 7.8: Effectiveness of optimal 2,3/rev flap and lag device stiffness variations for different
values of lag flexure stiffness
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Figure 7.9: Effectiveness of optimal 2,3/rev flap and lag device stiffness variations for different
values of torsion flexure stiffness
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Figure 7.10: Effectiveness of optimal 2,3/rev flap and lag device stiffness variations for different
advance ratios
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Flexure (Root
Element) Properties

Flap bending stiffness EIβroot/ EIβ
Lag bending stiffness EIζroot/ EIζ
Torsional stiffness GJroot/GJ

Controllable Stiffness
Device Properties

Blade Natural
Frequencies

K w /( EIβ /R3)

0.70
0.70
0.70
0.12231

K v /( EIζ /R3)
K φ /( GJ /R2)
αw, αv
ew, ev
Flap
Lag
Torsion

0.11996
0.00716
15°
0.5c
1.147, 3.399, 7.447, 13.342/rev
0.750, 4.364, 10.963, 20.653/rev
4.590, 13.595/rev

Table 7.1: Discrete controllable stiffness device and blade flexure properties

Vibratory Hub Loads* #
Fx4p
Fy4p
Fz4p
Mx4p
My4p
Mz4p

1.1719
2.2419
2.6352
37.7587
40.2514
54.8682

Table 7.2a: 4/rev vibratory hub loads for baseline rotor – no cyclic stiffness variation
(Free-wake, µ = 0.3)

Blade Root
Loads
Sr
Sx
Sz
Mφ
Mβ
Mζ

1/rev
0.165412
0.135271
0.043921
-0.01624
-0.20017
-0.77574

2/rev
0.01793
0.008518
0.013569
-0.0053
-0.04484
-0.03881

Harmonics**
3/rev
4/rev
0.00348 0.015112
0.009605 0.034555
0.059717 0.006584
-0.00175 -0.00256
-0.19397 -0.01991
-0.03617 -0.13745

5/rev
0.002833
0.005395
0.004924
-0.00031
-0.01421
-0.0196

Table 7.2b: Harmonics of blade root loads for baseline rotor – no cyclic stiffness variation
(Free-wake, µ = 0.3)
*

All vibratory hub forces are in % of Fz0 (5914 lbs.), all vibratory hub moments are in % of Mz0 (4878 ft-lbs.)
Blade root shears are non-dimensionalized by moΩ2R2, blade root moments are non-dimensionalized by moΩ2R3

**
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Amplitude
(∆Kw/ K w )

Phase

2/rev

18.4 %

44.4°

3/rev

47.1 %

140.8°

Input
Flap device
stiffness
variation

Table 7.3: Optimal 2,3/rev flap device stiffness variations (Jz = 69.25)
Amplitude
(∆Kv/ K v )

Phase

2/rev

36.8 %

33.4°

3/rev

14.3 %

-160.3°

Input
Lag device
stiffness
variation

Table 7.4: Optimal 2,3/rev lag device stiffness variations (Jz = 84.23)
Amplitude
(∆Kφ / K φ )

Phase

3/rev

18.7 %

-176.1°

4/rev

46.8 %

151.9°

Input
Torsion device
stiffness
variation

(a) Wu = 0.020[I], baseline torsion device stiffness = K φ
Amplitude
(∆Kφ / K φ )

Phase

3/rev

25.1 %

-179.3°

4/rev

60.8 %

152.5°

Input
Torsion device
stiffness
variation

(b) Wu = 0.015[I], baseline torsion device stiffness = K φ
Amplitude
(∆Kφ /2 K φ )

Phase

3/rev

25.2 %

-175.5°

4/rev

59.7 %

166.4°

Input
Torsion device
stiffness
variation

(c) Wu = 0.015[I], baseline torsion device stiffness = 2 K φ
Table 7.5: Optimal 3,4/rev torsion spring stiffness variations, with varying input weights (Wu)
and baseline torsion spring stiffness ( K φ and 2 K φ )
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Input

Amplitude

Phase

Flap device
stiffness variation

2/rev

∆ Kw = 5.5 % K w

30.1°

3/rev

∆ Kw = 43.5 % K w

139.7°

Lag device
stiffness variation

2/rev

∆ Kv = 32.2 % K v

59.7°

3/rev

∆ Kv = 8.9 % K v

109.4°

Table 7.6: Optimal 2,3/rev flap and lag devices stiffness variations (Jz = 67.23)

Blade Root
Loads
Sr
Sx
Sz
Mφ
Mβ
Mζ

Change in Harmonics (% Baseline)
1/rev
-0.34
-0.47
-0.61
-0.36
-0.32
-0.83

2/rev

3/rev

-4.20
-8.23
3.32
-1.26
0.67
-28.53

9.46
-40.02
-23.42
7.10
-4.53
-11.18

4/rev
10.27
8.23
-4.79
12.03
-14.70
5.60

5/rev
5.03
-0.14
-10.87
9.61
-23.13
0.30

Table 7.7: Change in harmonics of blade root loads due to the optimal 2,3/rev flap and lag device
stiffness variations
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Chapter 8

Discrete Controllable Orifice Dampers

It is demonstrated in previous chapters that the semi-active stiffness variation concept is a viable
method for helicopter vibration reduction. However, availability of the controllable stiffness
devices is limited, and the amount of stiffness variation authority may not be sufficient to
produce satisfactory results. Thus, another alternative for vibration reduction is considered using
controllable dampers, which are widely available as well as able to change damping coefficient
by up to 80% (see Section 2.3.1). This present chapter examines the effectiveness of controllable
orifice dampers on reducing vibratory hub loads in high-speed flight (advance ratio of 0.35),
using rotor inflow calculated by free wake analysis. Damping variation is described in detail in
Section 2.3 (see also Eq. 2.30). The rotor blade is modeled using five finite elements and 10
modes (4 flap, 4 lag, and 2 torsion modes) based on convergence study presented in Appendix I.
The baseline configuration is described in Section 8.1. The effectiveness of using only the
controllable lag damper is presented in Section 8.2. In addition to evaluating the reductions in
hub vibration, the effects of changes in damper size and mounting configuration are also
examined.

In Section 8.3, a controllable flap damper is introduced in addition to the

controllable lag damper to obtain further reductions in hub vibration. The ability of optimal
semi-active cyclic damping variations in reducing the hub vibrations over a range of flight
speeds is also demonstrated. A summary of the results in this chapter is presented in Section
8.4.

8.1 Baseline configuration
The baseline configuration consists of uniform blades (properties are given in Table H.1) with
lag and flap dampers attached near the root (see Fig. 2.21). No modification on blade flexure is
required since the introduction of the controllable dampers has insignificant effect on blade
natural frequencies, unlike introduction of the discrete controllable stiffness devices (presented in
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Chapters 6 and 7) which significantly influences blade natural frequencies. The dampers are
selected so as to provide 11% and 8% critical damping in the fundamental lag and flap modes,
respectively. Properties of the controllable dampers and damper attachment configuration are
presented in Table 8.1. Without any cyclic variations in damping, the baseline vibratory hub
loads, blade root loads, flexbeam root loads, damper loads, and blade tip responses, are presented
in Tables 8.1a – 8.1e, respectively. The vibratory hub loads in Table 8.1a are used as a reference
vibration level (corresponding to vibration index Jz = 100), against which all vibration reduction
studies in this chapter are compared.

8.2 Lag Damping Variation
First, controllable lag damper is considered for hub vibration reduction. In addition to evaluating
the reductions in hub vibration, changes in blade root loads, flexbeam root loads, damper loads,
and blade response are also presented in Section 8.2.1. The effects of damper size and mounting
configuration are also examined in Section 8.2.2.
8.2.1 Influence of optimal 2,3/rev lag damping variations
Multi-cyclic variations in the damping coefficient of only the lag damper are considered first.
The optimal 2/rev and 3/rev lag damping variations (both cosine and sine components, or
amplitude and phase values) are determined using the approach described in Chapter 3, and are
presented in Table 8.3. The time history of the resulting damping variation, over a single rotor
revolution, is shown in Fig. 8.1; and it is observed that the damping level varies between 20%
and 175% of the baseline value, C v . For this optimal damping variation, the vibration index, Jz,
is reduced by 35% as compared to its baseline value. The corresponding reductions in individual
components of vibratory hub loads are shown in Fig. 8.2. It is observed that vibratory hub drag
force, Fx4p, and vibratory hub yawing moment, Mz4p, can be virtually eliminated, while the
vibratory hub side force, Fy4p, is reduced by 15%. All other vibratory hub loads are almost
unaffected.
Figure 8.3 shows the lag damper force over a rotor revolution, when the optimal multi-cyclic lag
damping variations in Table 8.3 are used. Also shown in the figure is the reference damper force
when no semi-active damping variations are introduced. With the 2/rev and 3/rev semi-active
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lag damping variations the peak damper force increases somewhat (from 700 lbs to 800 lbs), but
more notably, there is a significant increase in the higher harmonic content of the damper force.
While the baseline damper force had a predominant 1/rev component (also seen from Table
8.2d), the optimal semi-active input results in increases of 140%, 193%, 86%, and 57%,
respectively, in the 2nd through 5th harmonics of the lag damper load (see Table 8.4). It is these
higher harmonic loads, introduced by the controllable lag damper, that modify the blade response
so as to reduce some of the hub vibrations. No significant change in harmonics of flap damper
forces is observed (see Table 8.4), since the flap damper is not controlled in this case.
Table 8.5 shows variation in harmonics of blade root loads when the optimal 2/rev and 3/rev lag
damping variations are used. It can be deduced from Section 2.3.2 that the semi-active control of
the lag damper primarily influences the blade root drag shear, Sx, and the blade root lag moment,
Mζ , with a smaller effect on the blade root radial shear, Sr (due to coriolis effects, etc). It is
interesting to note that there are large percentage increases in the 3/rev and 5/rev components of
blade root drag shear, Sx. Intuitively, decreases in the 3rd and 5th harmonics of Sx and Sr would
have been expected since the vibratory hub drag force, Fx4p, has been eliminated. However, it
should be recalled that
Fx4 p = 2( S r3c − S x3s ) cos 4ψ + 2( S r3s + S x3c ) sin 4ψ
+ 2( S r5c + S x5 s ) cos 4ψ + 2( S r5 s − S x5c ) sin 4ψ

(8.1)

From Table 8.2b it is seen that for the baseline configuration the 3rd harmonic of Sr is an order of
magnitude larger than that of Sx, and the 5th harmonic is twice as large. In essence, the blade root
radial shear, Sr, is the dominant contributor to the in-plane vibratory hub drag force, Fx4p, for the
baseline rotor. The optimal lag damping variations appear to be increasing the 3rd and 5th
harmonics of Sx such that (along with some modest reductions in the 3rd and 5th harmonics of Sr)
the factors ( S r3c − S x3s ) , ( S r3s + S x3c ) , ( S r5c + S x5 s ) and ( S r5 s − S x5c ) , in Eq. 8.1 are reduced,
thereby reducing the vibratory hub drag force. In other words, increases in harmonics of blade
root drag shear using cyclic variations in lag damping are producing the reductions in in-plane
vibratory hub forces. Table 8.5 also indicates a 98% reduction in the 4th harmonic of the blade
root lag moment, Mζ , which is consistent with the reduction in the vibratory hub yawing
moment seen in Fig. 8.2. Figures 8.4a and 8.4b show the variation in blade root drag shear, Sx,
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and radial shear, Sr, respectively, over one rotor revolution. It is seen that while the cyclic lag
damping variation introduced small high-frequency oscillations in the blade root drag shear,
relative to the baseline rotor, the overall changes are very small. Influence of the cyclic lag
damping variation on the blade root radial shear is even less perceptible. Changes in other blade
root loads are caused by secondary effects, and considered negligible.
Table 8.6 shows changes in the harmonics of flexbeam root loads using the optimal lag damping
variations. Again, components of flexbeam loads that are directly effected by the semi-active lag
damping variation are S xflex , S rflex , and M ζflex . A reduction of around 50% is seen in the 2nd
harmonic of S xflex , but the 3rd, 4th and 5th harmonics are seen to increase by around 350%, 200%
and 100%, respectively.

However, it should be noted that percentage increases appear

excessively large because the higher harmonics of S xflex for the baseline rotor were very small
(see Table 2c). The variation of S xflex over a rotor revolution (Fig. 8.5a) shows that despite the
introduction of some high-frequency loading, relative to the baseline rotor, the overall changes
are very small, so the flexbeam dynamic stresses will not be adversely affected. The variation of
S rflex over a rotor revolution (Fig. 8.5b) shows that the peak-to-peak oscillations are actually
reduced by about 300 lbs when cyclic lag damping variations are used. Some harmonics of

M ζflex are increased significantly by as much as 180% for the 3rd harmonic, but the increases are
not perceptible since the corresponding baseline values are small to begin with. Changes in
harmonics of other flexbeam root loads are again insignificant due to indirect effect of the
damping variation.
Figure 8.6 shows the blade flap, lag, and torsion tip responses over one rotor revolution.
Comparing with the response for the baseline rotor, the cyclic variation in lag damping does not
appear to have had any significant influence. However, the higher harmonic damper loads do in
fact introduce higher harmonics in the tip lag response, as seen in Table 8.7. The percentage
increases in the 2nd through 5th harmonics appear a little exaggerated since the baseline values
were very small (see Table 8.2e – baseline lag response was primarily at 1/rev). Changes in
harmonics of flap and torsion response are much smaller.
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8.2.2 Influence of lag damper sizing and configuration
From section 8.2.1 it is clear that multi-cyclic variations in lag damping coefficient can reduce
the vibratory hub in-plane forces and yawing moment.

However, the effectiveness of the

controllable damper in reducing vibration can be expected to vary, depending on the damper
configuration and size. For the results in section 8.2.1, nominal values of damper mounting
angle, α v = 20 deg, offset, ev = c, and attachment point, Lv = 0.2R, were used. Further, the
nominal damping coefficient, C v , related to the damper size, was selected to provide 11%
damping in the fundamental lag mode. The present section examines the reductions in hub
vibration levels that would be observed when these parameters are varied. It should be noted
that when the parameters, α v , ev , Lv , and C v are varied, the baseline vibration levels (without
any semi-active inputs) may themselves change, and the optimal 2/rev and 3/rev variations in lag
damping coefficient have to be re-evaluated.
Figure 8.7 shows the influence of the lag damper mounting angle, α v , varied from 0 – 40 deg,
on the vibration index, J z , and the control effort index, J u . For every value of α v , the
vibration levels are non-dimensionalized with respect to the uncontrolled vibration levels of the
nominal configuration. From the figure, it is seen that the uncontrolled vibrations (no semiactive input) are relatively insensitive to changes in α v . When optimal lag damping variations
are introduced, slight additional reductions in vibration index (relative to the nominal) can be
obtained for values of α v in the 5 – 10 deg range. However, the control effort, Ju, increases
substantially in this range. Conversely, the control effort can be reduced somewhat if α v is
increased beyond the nominal value of 20 deg, but the vibration index increases slightly. For
values of α v in the range of 15 – 40 deg the total performance index, J, the sum of J z (with
optimal damping variation) and J u , shows little variation; which implies that any of these
designs perform more-or-less comparably. However, as the mounting angle α v increases, it may
be difficult to install the device.
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Figure 8.8 shows the influence of the lag damper offset, ev , varied between 0.2c and 1.4c
(nominal value is 1 chord). From the figure it is seen that for ev varying between 0.7c and 1.4c,
the uncontrolled vibrations (no semi-active input) are relatively unchanged. However, as the
offset decreases below 0.7c – (i) the uncontrolled vibrations increase significantly, (ii) reductions
in vibration index with optimal variations in lag damping coefficient are smaller, and (iii) the
control effort, Ju, starts to decrease as well. The second and the third points suggest that the
effectiveness of the semi-active inputs is diminishing when the offset becomes too small. From
Eq. 2.34 it is deduced that since the nominal α v is small, the controllable moments introduced
by the damper on the blade would be quite important, and as ev decreases, the damper is no
longer able to effectively exert controllable lag bending moments on the blade. The total
performance index, J = J z (with optimal damping variation) + Ju, is near its minimum for ev
ranging between c and 1.4c, so that any offset in this range would constitute a good choice. As
ev increases in this range, a slight increase in vibration index (relative to the nominal) is

observed, but the control effort, Ju, decreases.

Figure 8.9 shows the influence of the lag damper attachment point on the blade, Lv , varying
between 0.15R – 0.25R (nominal value is 0.2R). In general, as Lv increases, the uncontrolled
vibrations, the vibration levels with optimal lag damping variations, and the control effort, all
undergo very significant reductions. Of course larger values of Lv may be undesirable from a
practical standpoint, which needs to be taken into consideration. It is also seen that as Lv
decreases below 0.16R, the control effort index reduces, and the reductions in vibration index
relative to the uncontrolled levels also diminish. An explanation for this is that the damper
attachment point may be undergoing very limited motion, so that the effectiveness of the motiondependent semi-active forces decreases. However, it should be noted that for articulated blades,
or blades with a very soft flexure, this may not be the case and effectiveness of lag damping
variations in reducing hub vibrations may be preserved even for low values of Lv .
Finally, the effect of varying the lag damper size from 70% to 150% of its nominal value, C v , is
considered. In principle, larger reductions in vibration could potentially be obtained for larger
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cyclic variations in damping, ∆C v . However, since the cyclic variations in damping coefficient
are generally a fraction of C v , a larger C v is required for greater semi-active authority. From
Fig. 8.10, it is observed that the uncontrolled vibration levels (no semi-active inputs) are
relatively insensitive to damper size. The vibration index with optimal lag damping variations
also shows only mild changes with damper sizing. The control effort index, which depends on

∆C v / C v , reduces with increasing damper size, which suggests that the damper has not
saturated, and would be unlikely to produce additional vibration reduction with larger cyclic
variations in damping being possible. The limited reductions in vibration obtained may simply
be due to the fact that the optimal inputs required to reduce Fy4p may be conflicting with those
reducing Fx4p and Mz4p.

8.3 Simultaneous flap and lag damping variations
The present section explores additional possible vibration reductions when 2/rev and 3/rev lag
damping variations and 2/rev and 3/rev flap damping variations are introduced simultaneously.
Changes in vibratory hub loads, blade root loads, flexbeam root loads, damper loads, and blade
response due to optimal 2, 3/rev flap and lag damping variations are presented in Section 8.3.1.
Section 8.3.2 examines the effectiveness of the flap and lag damping variations on hub vibration
reduction for various forward speeds.
8.3.1 Influence of optimal 2,3/rev flap and lag damping variations
The effect of optimal 2, 3/rev flap and lag damping variations on hub vibration is examined in
this section. The optimal lag and flap damping variations (amplitude and phase values) are
presented in Table 8.8, and their time histories over one rotor revolution are shown in Fig. 8.11.
From the figure, it is observed that the maximum variation in lag damping is 64% of the baseline
value, C v , and the maximum variation in flap damping is 60% of the baseline value, C w (well
within the achievable range of controllable orifice dampers).

For these optimal damping

variations, the vibration index, Jz, is reduced by 47%, with corresponding reductions in
individual components of vibratory hub loads shown in Fig. 8.12. As was the case when only lag
damping variations were used, the vibratory hub drag force, Fx4p, and vibratory hub yawing
moment, Mz4p, are basically eliminated, and a 10% reduction in the vibratory hub side force, Fy4p,
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is seen. However, in addition, a 30% reduction in the vibratory hub vertical force, Fz4p, is now
observed, on account of the variations in flap damping coefficient. The vibratory hub pitching
and rolling moments remain unaffected.
Figures 8.13 and 8.14 show the lag damper force and the flap damper force, respectively, over a
rotor revolution, when the optimal multi-cyclic damping variations in Table 8.8 are used. Also
shown in the figures is the reference damper force without any semi-active damping variations.
From Fig. 8.13, the peak-to-peak lag damper force levels do not undergo any significant change,
relative to the baseline, although some high-frequency content is now introduced in the damper
force. Table 8.9 indicates that there are increases of approximately 90%, 150%, 30%, and 55%,
respectively, in the 2nd through 5th harmonics of the lag damper force. As in section 8.2.1, the
higher harmonic loads introduced by the lag damper will modify the blade lag response so as to
reduce vibratory in-plane hub forces and yawing moment. From Fig. 8.14, the peak-to-peak flap
damper force is seen to actually reduce by some 70 lbs, and Table 8.9 indicates that there are no
increases in any of the flap damper force harmonics due to optimal damping variations. It is
interesting to compare how the flap and the lag dampers reduce vibration. The lag damper
actually generates higher harmonic semi-active forces, which increase the higher harmonics in
blade lag response. The modified lag response, in turn, generates higher harmonic blade drag
shear forces to cancel the vibratory radial shear contributions to the in-plane hub forces. The
effect of the flap damper, in contrast, is to reduce the blade vertical shear forces (the only
contributors to the hub vertical vibratory forces), thereby reducing the hub vertical vibrations.

Table 8.10 shows variation in harmonics of blade root loads when the optimal flap and lag
damping variations in Table 8.8 are used. The controllable flap and lag dampers are expected to
influence only specific components of blade root loads, particularly S r , S x , and M ζ (by the lag
damper) and S z and M β (by the flap damper). As in Section 8.2.1, large percentage increases in
the 3/rev and 5/rev components of blade root drag shear, S x , are observed, which (along with
some modest reductions in the 3rd and 5th harmonics of S r ) contribute to the elimination of Fx4 p .
Also seen in Table 8.10 are reductions of around 30% in the 4th harmonic of S z and nearly 100%
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in the 4th harmonic of M ζ , which produce the corresponding reductions in Fz4 p and M z4 p seen
in Fig. 8.12. Small reductions in all harmonics of blade root flapping moment, M β , are also
observed, although the reductions in the 3rd harmonic are insignificant and therefore do not
reduce the rotor hub vibratory rolling and pitching moments, M x4 p and M y4 p . Changes in
harmonics of Mφ are primarily due to nonlinear coupling effect and are considered insignificant
(since the corresponding baseline values are very small), but are presented for completeness.
Changes in harmonics of flexbeam root loads due to optimal flap and lag damping variation are
presented in Table 8.11. Components of the flexbeam root loads that are directly affected by the
lag damping variation are S rflex , S xflex , and M ζflex , while the flap damping variation directly
affects only S zflex and M βflex . The 2nd harmonic of S xflex reduces by around 55%, but large
increases in the 3rd, 4th and 5th harmonics are observed, similar to the results presented previously
in Section 8.2.1. It is interesting to note that even as the 4th harmonic of S z reduces by 30%
(Table 8.10), the 4th harmonic of S zflex is showing a 24% increase (Table 8.11). Clearly, the
loads at the root of the flexbeam (Eq. 2.38) are being cancelled by the loads coming in at the
damper (Eq. 2.39), so that the 4th harmonic of the “total” blade root vertical shear (Eq. 2.40) is
reduced. Similarly, the 4th harmonic of the flexbeam root lag moment, M ζflex , shows a reduction
of only 38% and the additional lag moment introduced by the damper results in the elimination
of the 4th harmonic of the “total” blade root lag moment, M ζ , seen in Table 8.10.
Figure 8.15 shows the blade flap, lag, and torsion tip responses over one rotor revolution.
Comparing with the response for the baseline rotor, the cyclic variations in flap and lag damping
do not appear to have had any significant influence. However, the higher harmonic lag damper
loads do in fact introduce higher harmonics in tip lag response, as seen in Table 8.12. The
changes in the tip flap response are much more modest, consistent with the smaller changes in
higher harmonic flap damper loads.
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8.3.2 Effectiveness of flap and lag damping variations at different flight speeds
This section examines the effectiveness of 2/rev and 3/rev flap and lag damping variations for
vibration reduction over a range of flight speeds. Figure 8.16 shows the vibration performance
index, Jz, with and without the multi-cyclic damping variations, over forward speeds ranging
from advance ratio of 0.30 to 0.375 (the optimal damping variations are re-calculated at different
flight speeds). The vibration performance index is normalized with respect to the baseline
(uncontrolled) vibrations at an advance ratio of 0.35 given in Table 8.2a, (corresponding to Jz =
100). It is seen that as the advance ratio increases from 0.35 to 0.375, the uncontrolled vibration
index increases from 100 to 165.

As the advance ratio decreases from 0.35 to 0.30, the

uncontrolled vibration index again increases from 100 to 245, due to the dominant effect of the
rotor wake at the lower speeds. With optimal 2/rev and 3/rev flap and lag damping variations, the
vibration index shows reductions across the advance ratio range. The reductions in Jz, relative to
the uncontrolled case, range from 45% at µ = 0.30, to 32% µ = 0.325, to 47% at µ = 0.35
(nominal flight speed in this study), and to 43% at µ = 0.375. The control effort index, Ju, shows
only mild variations over the range of forward speeds considered, despite the large differences in
the uncontrolled vibration levels.
8.4 Summary on controllable orifice dampers
Using the controllable orifice dampers, it was shown that cyclically varying the damping
coefficient of controllable lag and flap dampers could reduce the 4/rev vibratory hub loads. The
results showed that optimal 2/rev and 3/rev lag damping variations could virtually eliminate the
vibratory hub drag force and yawing moments, and produce small reductions in the vibratory hub
side force without detrimental effect on blade response, damper loads, and blade and flexbeam
root loads.

When optimal 2/rev and 3/rev variations in flap damping were introduced in

conjunction with the optimal lag damping variations, 30% reductions in the hub vertical
vibrations were obtained, in addition to the reductions in the vibratory in-plane forces and
yawing moment. Reductions in hub vibration levels were obtained over a range of forward flight
speeds.
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Controllable Damper
Properties

Blade Natural
Frequencies

Cw

8% (1st flap mode)

Cv
αw, αv
Lw, Lv
ew, ev
Flap
Lag
Torsion

11% (1st lag mode)
30°, 20°
0.2R
c
1.147, 3.405, 7.508, 13.601/rev
0.750, 4.372, 11.073, 21.137/rev
4.590, 13.604/rev

Table 8.1: Discrete controllable damper properties and blade frequencies
Vibratory Hub Loads *
Fx4p
Fy4p
Fz4p
Mx4p
My4p
Mz4p

0.5960
1.3484
6.7270
31.0628
45.4364
8.3403

Table 8.2a: 4/rev vibratory hub loads for baseline rotor, no cyclic damping variation
Blade Root
Loads
Sr
Sx
Sz
Mφ
Mβ
Mζ

1/rev
0.0162315
0.0133722
0.0043653
0.0000960
0.0015967
0.0040404

2/rev
0.0013585
0.0007594
0.0020158
0.0000360
0.0007553
0.0001995

Harmonics**
3/rev
0.0004744
0.0000419
0.0043754
0.0000087
0.0013771
0.0000215

4/rev
0.0002330
0.0005449
0.0017716
0.0000005
0.0005467
0.0001496

5/rev
0.0001373
0.0000679
0.0010215
0.0000026
0.0002586
0.0000155

Table 8.2b: Harmonics of blade root loads for baseline rotor, no cyclic damping variation
Harmonics**
Flexbeam
Root Loads
1/rev
2/rev
3/rev
4/rev
5/rev
flex
Sr
0.0254709 0.0036988 0.0069444 0.0022150 0.0012934
flex
Sx
0.0128488 0.0007105 0.0001206 0.0003878 0.0001240
flex
Sz
0.0024654 0.0012152 0.0015691 0.0008342 0.0003226
flex
0.0000960 0.0000360 0.0000087 0.0000005 0.0000026
Mφ
flex
0.0005831 0.0003394 0.0002595 0.0001058 0.0000222
Mβ
flex
0.0049912 0.0002996 0.0000813 0.0002735 0.0000458
Mζ
Table 8.2c: Harmonics of flexbeam root loads for baseline rotor, no cyclic damping variation
*

All vibratory hub forces are in % of Fz0 (6016 lbs.), all vibratory hub moments are in % of Mz0 (6654 ft-lbs.)
Root shear are non-dimensionalized by moΩ2R2, root moments are non-dimensionalized by moΩ2R3

**
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Harmonics*

Damper loads
Lag Damper
Force
Flap Damper
Force

1/rev

2/rev

3/rev

4/rev

5/rev

0.0115328

0.0009755

0.0004394

0.0009092

0.0002112

0.0072865

0.0056419

0.0082052

0.0032957

0.0014002

Table 8.2d: Harmonics of damper loads for baseline rotor, no cyclic damping variation

Harmonics

Tip Responses
Flap (wtip/R)
Lag (vtip/R)
Torsion (Rad.)

1/rev
0.0137415
0.0196645
0.0148971

2/rev
0.0085815
0.0008083
0.0050936

3/rev
0.0006332
0.0001069
0.0014854

4/rev
0.0009103
0.0001341
0.0001077

5/rev
0.0000420
0.0000135
0.0002467

Table 8.2e: Harmonics of blade tip response for baseline rotor, no cyclic damping variation
Amplitude
(∆Cv/ C v )

Phase

2/rev

29 %

80°

3/rev

52 %

-165°

Input
Lag damping
variation

Table 8.3: Optimal 2,3/rev lag damping variation (Jz = 64.55)

Change in harmonics (% Baseline)
Lag Damper Force
Flap Damper Force

1/rev
-13.48
-0.03

2/rev
139.98
-4.24

3/rev
193.43
-3.28

4/rev
85.89
4.52

5/rev
57.04
-14.69

Table 8.4: Change in harmonics of damper loads, due to optimal lag damping variation
(from Table 8.3)

*

Damper forces are non-dimensionalized by moΩ2R2
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Blade Root
Loads

Change in Harmonics (% Baseline)
1/rev

Sr
Sx
Sz
Mφ
Mβ
Mζ

2/rev

-1.89
-2.49
-4.57
0.50
-3.72
-4.34

3/rev

10.11
19.77
1.74
0.00
-0.03
75.85

-16.43
154.15
-1.42
-5.18
-1.39
95.54

4/rev

5/rev

77.52
5.03
8.37
906.67
7.70
-98.05

-49.01
275.36
-15.51
62.89
-17.66
208.67

Table 8.5: Change in harmonics of blade root loads, due to optimal lag damping variation
(from Table 8.3)
Flexbeam
Root Loads
Sr flex
Sx flex
Sz flex
Mφ flex
Mβ flex
Mζ flex

1/rev
-6.76
0.55
-20.78
0.50
-22.12
-9.00

Change in harmonics (% Baseline)
2/rev
3/rev
4/rev
-24.43
-16.05
17.77
-51.08
350.08
196.39
-2.47
-9.27
18.14
0.00
-5.18
906.67
-1.91
-13.33
30.79
128.35
179.35
-10.33

5/rev
-32.11
97.09
-14.35
62.89
-50.67
93.14

Table 8.6: Change in harmonics of flexbeam root loads, due to optimal lag damping variation
(from Table 8.3)
Change in Harmonics (% Baseline)

Tip Response
1/rev
Lag

2/rev

-2.14

3/rev

43.56

160.53

4/rev
61.26

5/rev
97.93

Table 8.7: Change in harmonics of blade tip lag response, due to optimal lag damping variation
(from Table 8.3)
Input

Amplitude

Phase

Flap damping
variation

2/rev

∆Cw = 33 % C w

7°

3/rev

∆Cw = 27 % C w

167°

Lag damping
variation

2/rev

∆Cv = 26 % C v

92°

3/rev

∆Cv = 38 % C v

-163°

Table 8.8: Optimal 2, 3/rev flap and lag damping variations (Jz = 52.87)
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Change in harmonics (% Baseline)

Lag Damper Force
Flap Damper Force

1/rev
-12.33
-23.14

2/rev
87.53
-13.95

3/rev
147.88
-0.27

4/rev
30.46
-8.52

5/rev
55.56
-18.61

Table 8.9: Change in harmonics of damper loads, due to optimal flap and lag damping variations
(from Table 8.8)
Blade Root
Loads
Sr
Sx
Sz
Mφ
Mβ
Mζ

Change in Harmonics (% Baseline)
1/rev
-0.67
-1.19
8.01
0.69
-5.62
-2.67

2/rev

3/rev

8.88
16.21
-0.60
1.06
-9.51
58.48

-14.69
176.11
-6.00
-8.75
-2.59
36.80

4/rev
38.76
-21.87
-31.15
671.11
-20.75
-99.71

5/rev
-32.13
296.68
-13.21
21.48
-19.29
280.45

Table 8.10: Change in harmonics of blade root loads, due to optimal flap and lag damping
variations (from Table 8.8)
Flexbeam
Root Loads
Sr flex
Sx flex
Sz flex
Mφ flex
Mβ flex
Mζ flex

1/rev
-4.21
1.64
1.73
0.69
10.29
-7.32

Change in harmonics (% Baseline)
2/rev
3/rev
4/rev
-38.39
-10.81
22.92
-54.67
300.32
114.10
8.88
-0.06
23.79
1.06
-8.75
671.11
6.04
-1.73
42.25
92.77
128.37
-37.86

5/rev
-33.30
54.89
8.13
21.48
42.00
128.40

Table 8.11: Change in harmonics of flexbeam root loads, due to optimal flap and lag damping
variations (from Table 8.8)

Change in Harmonics (% Baseline)

Tip Response
Flap
Lag

1/rev
5.64
-0.87

2/rev
0.33
34.45

3/rev
10.65
155.05

4/rev
-19.58
21.30

5/rev
-9.90
134.52

Table 8.12: Change in harmonics of blade tip flap and lag responses, due to optimal flap and lag
damping variations (from Table 8.8)
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Chapter 9

Semi-Active Isolator

The results presented in Chapters 4-8 showed that semi-active controllable stiffness and damping
devices introduced in the rotor system were effective in reducing hub vibration, at the source.
The current chapter examines another possible application of semi-active devices in reducing
helicopter vibration – by introducing these devices in the fixed system, between the rotor hub
and the fuselage (as semi-active isolators), so that the incoming vibratory loads transmitted to the
fuselage are reduced. A simplified single degree of freedom system is used to represent the
semi-active isolation system. The rotor (represented by a lumped mass under harmonic force
excitation) is supported by a spring and a parallel damper on the fuselage (assumed to have
infinite mass).

Properties of the spring or damper could then be controlled to reduce

transmission of the force into the fuselage or the support structure. Variations in the properties
(stiffness or damping) of semi-active isolators are calculated using; (i) open loop, (ii) closed-loop,
and (iii) closed-loop adaptive control schemes. Section 9.1 describes the basic configuration of
the isolation system including the semi-active devices. Development of open-loop, closed-loop,
and adaptive controllers are provided in Sections 9.2 and 9.3. Effectiveness of the controllers in
reducing force transmission is examined in Section 9.4 using semi-active controllable stiffness
and damping devices.

Section 9.5 summarizes the results for this semi-active isolation

technique.
9.1 System description
The effectiveness of the semi-active controller for vibration reduction is evaluated for a simple
single-degree-of-freedom (SDOF) system shown in Fig. 9.1. The mass, m, supported on a spring
and a parallel damper, is subjected to a harmonic vibratory force, F, at frequency, Ω . A
mathematical model of the system with the controllable stiffness and damping devices is
presented in Section 9.1.1 and 9.1.2, respectively.
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9.1.1 System with controllable stiffness device
A mathematical model of the vibration control system using controllable stiffness device (see
Fig. 9.1a) is developed in this section. Reduction of the support force Fs at frequency Ω is
achieved by optimally modulating the stiffness of the semi-active controllable spring. The total
stiffness of the semi-active spring is assumed to varied as follows:
K (t ) = K o + K1u (t )

(9.1)

where K o represents the baseline (passive) stiffness, and K1u (t ) represents the variation in
stiffness due to the command input u . Without any modulation of the stiffness (u = 0), the
baseline spring, K o , in parallel with the damper, Co, provides a passive isolation treatment
between the vibratory force and the support.

The equilibrium equation for the system in Fig. 9.1a, and the corresponding force at the support,
can be expressed as:
m&x& + C o x& + ( K o + K1u ) x = F = Fo sin(Ωt )

(9.2a)

Fs = C o x& + ( K o + K1u ) x

(9.2b)

The bilinear term, ux, which appears in the above equations (such a bilinear term appears in most
semi-active systems), makes it difficult to apply conventional linear control theories.
9.1.2 System with controllable damper
A model representing a vibration control system using a controllable damper (see Fig. 9.1b) is
described in this section. The vibratory support force, Fs, will be reduced through optimal
modulation of the damping coefficient of the controllable damper.

It is assumed that the

damping coefficient of the controllable damper can be varied as
C (t ) = C o + C1u (t )

(9.3)
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where C o is the baseline (passive) damping, and C1u (t ) represents the damping variation due to
command input u . In the absence of any modulation of the damping coefficient (zero command
input, u ), the spring, Ko, and the baseline damper, C o , provide passive isolation.

From Fig. 9.1b, the equilibrium equation and the corresponding force at the support, can be
derived as;

(
)
Fs = (C o + C1u )x& + K o x

m&x& + C o + C1u x& + K o x = F = Fo sin(Ωt )

(9.4a)
(9.4b)

In the above equations the bilinear term, u&x , complicates the control system design.

9.2 Fundamentals of Controller Design
This section describes basic components of the semi-active controller. The vibration reduction
controller is derived using an optimal control scheme in the frequency-domain (see Section
9.2.1). Semi-active input saturation is also incorporated by scaling down the input whenever
saturation limits are exceeded (Section 9.2.2). Selection of frequency content of the semi-active
input, which provides vibration reduction, is described in detail in Section 9.2.3.

System

identification method, which is the key component of an adaptive controller, is described in
Section 9.2.4.
9.2.1 Optimal semi-active control scheme
For vibration reduction using the semi-active devices (controllable stiffness device or damper),
an optimal controller is developed in the frequency-domain, as an adaptation of an approach
previously used in Ref. 117 for vibration reduction through pure active control. The basic
approach is conceptually similar to that previously presented in Chapter 3, but is repeated here
for the SDOF system; and thereafter extended to account for semi-active device, saturation
concerns, and adaptive control implementation. The vibratory force at the support, Fs, and the
command input, u, are expressed in the frequency-domain (as cosine and sine components of
specified harmonics), and are denoted as z and uc, respectively (defined later in Section 9.2.3).
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The harmonics of uc are carefully selected to reject the incoming vibration at frequency Ω
(details provided in Section 9.2.3). The control algorithm is based on the minimization of a
quadratic objective function, J, defined as:
J = z T W1 z + u c W2 u c
T

(9.5)

In Eq. 9.5, W1 and W2 represent penalty weighting corresponding to the vibratory force at the
support, z, and the input, uc, respectively.
Due to the bilinear terms (see Eq. 9.2 or Eq. 9.4), the relationship between the input, uc, and the
support vibration, z, is not linear. However, it is assumed that the vibrations, z, are related to the
frequency-domain inputs, uc, as follows:
z = z o + Tu c

(9.6)

where T is the system transfer matrix, and zo represents the baseline support vibration levels
without the input, uc. The transfer matrix, T, can be calculated using both off-line and on-line
approaches (detailed discussion is presented in Section 9.2.4). A gradient-based method is used
to minimize J and determine the optimal inputs, uc. By substituting Eq. 9.5 into Eq. 9.6 and
setting ∂J/∂uc = 0, the resulting optimal input may be obtained as:

uc = T zo

(

T = − T T W1T + W2

(9.7a)

)

−1

T T W1

(9.7b)

A Frequency-to-Time domain conversion (F/T) unit is used to obtain the optimal time-domain
input, u(t), corresponding to the frequency-domain input, uc (see Fig. 9.2)
9.2.2 Semi-active device saturation consideration
To ensure that maximum or minimum values of physically achievable device properties
(stiffness or damping coefficient) are not exceeded, the input, uc, will be modified if necessary.
The semi-active controllable stiffness device has a baseline stiffness of Ko, and it is assumed that
the maximum and minimum physically achievable values of stiffness are K o + K 1 and K o − K1 ,
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respectively. Similarly, the semi-active controllable damper, which has a baseline damping
coefficient, C o , is assumed to vary between the maximum and minimum physically achievable
values of damping coefficient of C o + C1 and C o − C1 , respectively. Typically, the terms C1
and K 1 could be expressed in term of fraction of K o and C o , and in this chapter they are
assumed to be as follows:
K 1 = 0.7 K o

(9.8a)

C1 = 0.75 C o

(9.8b)

From Eqs. 9.1 and 9.8a (for controllable stiffness device) and Eqs 9.3 and 9.8b (for controllable
damper), it can be deduced that the range of the nondimensional semi-active input u(t) is:

−1 ≤ u ≤ 1

(9.9)

The amplitude of optimal frequency-domain input, u max , is determined after uc is determined
using Eq. 9.7, and if | u max | exceeds the maximum permissible value (of unity), then the semiactive input, uc, will be “scaled down” as follows:

uc =

uc

(9.10)

u max

However, with such a scaling-down there is a question regarding the optimality of the input
signal. Alternately, the input can be reduced by increasing the input penalty weight, W2 .
9.2.3 Frequency content of the semi-active input
In order to reduce vibration at frequency, Ω , higher harmonic semi-active inputs are required.
This is different from a fully active system where the control input, u c , would simply consist of
cosine and sine components at the disturbance frequency, Ω , which would essentially minimize
the support vibrations, z , at Ω . However, for a semi-active controller input at Ω (producing
stiffness or damping variation at Ω ), it is seen from Eqs. 9.2 and 9.4 that the resulting primary or
dominant semi-active force would be at 2 Ω , due to the bilinear terms, ux and u&x . Thus, there
could be no vibration reduction at Ω , and additionally support vibrations would now be
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introduced at 2 Ω . Instead, a semi-active controller input (stiffness or damping modulation) at
2 Ω would directly result in semi-active forces (proportional to ux and u&x ) at Ω and 3 Ω , with
the component at Ω then canceling the incoming vibration. Thus, for the present system the
semi-active input, u c , and output, z (used in minimization of objective function, J, Eq. 9.5), are
selected as:

[

u c = u 2Ωc

[

z = FsΩc

u 2Ωs
FsΩs

]

]

T

(9.11a)

T

(9.11b)

In the above equations, the superscripts “c” and “s” represents cosine and sine components,
respectively, at frequencies Ω or 2 Ω . It should be noted that while the selected inputs will
reduce the incoming disturbance at Ω , the support will now experience additional forces at 3 Ω .
These could in principle be reduced by expanding z to include these components and
introducing additional harmonics in the input u c .
9.2.4 Identification of the system transfer matrix, T
The system transfer matrix, T (defined in Eq. 9.6), can be identified using both off-line and online approaches. Off-line identification of the T matrix is achieved by perturbation of individual
component of the input, uc. The first column of T matrix, which corresponds to the first input of
uc, is obtained by setting the first input u 2Ωc to a non-zero value (while the other input u 2Ωs is set
to zero), and the column is calculated as:
t11 
  z − zo
 M =
u 1c
t 
 1n 

(9.12)

This process is repeated for u 2Ωs to obtain the second column of the T matrix.

For the on-line identification of the T matrix, an initial estimate is obtained using the batch least
square method [119], and it is updated using the recursive least square method (with variable
forgetting factors) [120]. The on-line batch least square method yields an initial estimate of the
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T matrix from an array of inputs, uc, and corresponding vibration measurements, z, at m + 1 time
steps, as follows:

(

)

−1

T = ZΦ T ΦΦ T
Φ = u c (k ) u c (k − 1) L u c (k − m)

[

Z = [z (k ) z (k − 1) L z (k − m)]

]

(9.13)

where u c (k ) and z(k) represents the input and the corresponding vibration level at the k th time
step. It should be noted that the number of time steps used has to be greater than or equal to the
number of parameters to be identified, which is equal to 4 in this case (T is a 2×2 matrix). In this
chapter, the number of time steps used for the batch least square identification is 5 time steps
with each time step covering an interval of six disturbance cycles to avoid transient response.

An on-line recursive least square method is implemented for introducing updates to the T matrix.
A variable forgetting factor, λ , is used to prevent parameter estimation ‘blow-up’, which can
occur when the estimation is running continuously for a long time without any change in
parameters being estimated. The recursive least square identification is summarized as follows:
T (k ) = T (k − 1) + ε (k ) K (k )
ε (k ) = z (k ) − T (k − 1)u c (k )

[

(9.14)

K (k ) = I + u c (k ) P(k − 1)u c (k )

P(k ) =

T

[

P(k − 1)
I − u c (k ) K (k )
λ (k )

[

λ (k ) = 1 − 1 − K (k )u c (k )

]ε

T

]

]

−1

u c (k ) P(k − 1)
T

(k )ε (k )
Σo

where Σo was chosen to be 0.0025, and lower limit of λ was set at 0.15. Updates to T ( k ) are
carried out at every time step with each time step covering an interval of four disturbance cycles.
It should be noted that the recursive least square method uses shorter time steps than the batch
least square identification. The shorter time step is introduced to expedite the rate of adaptation
of the adaptive controller.

159

9.3 Semi-active controller schemes
Using the fundamental components presented in Section 9.2, this section explains how those
components are linked together in different types of controllers (open-loop, closed-loop, and
closed-loop adaptive).
9.3.1 Open-loop controller
An open-loop control scheme can in principle be effective for vibration reduction if the
excitation force and the system are not changing with time. In such a situation, the optimal
control input in the frequency-domain, u c , is based only on the baseline (uncontrolled) support
vibration levels, z o , as seen in Eq. 9.7, (and not on any measurements of “current” vibration
levels). Once the uncontrolled support vibration, z o , is determined, and the transfer matrix, T, is
obtained using the off-line identification, the open-loop control scheme can be implemented
following a block diagram shown in Fig. 9.3. Input scaling is introduced to ensure that the semiactive input is well within physical limits.
9.3.2 Closed-loop controller
If the excitation force changes during the course of operation, an open-loop algorithm is in
general no longer suitable and a closed-loop algorithm has to be employed instead. Using an
approach adapted from Ref. 121, previously applied to the active vibration reduction problem,
the closed-loop control scheme for the present semi-active vibration reduction problem is
implemented in the discrete-time domain. The idea is to calculate adjustments in input, ∆u c ,
based on “current” support vibration levels, z (k ) , such that vibration levels in the next time step
are minimized. In such a case,

∆u c (k ) = T z (k )

(9.15)

with T identical to that in Eq. 9.7, and the T matrix identified off-line, a priori. The total semiactive input is then expressed as
uc (k ) = uc (k − 1) + ∆uc (k )

(9.16)
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The block diagram corresponding to such a closed-loop control scheme is shown in Fig. 9.4.
Updates to the inputs, ∆u c (k ) , are carried out at intervals of every two disturbance cycles, based
on calculated support vibration levels, z( k ) , at these times.
9.3.3 Closed-loop adaptive controller
In addition to basing control inputs on currently measured vibration levels to allow for variations
in excitation force, the system transfer matrix, T, would require identification and updating online if the system is undergoing changes (making it a closed-loop adaptive control scheme).
However, the current semi-active system is non-linear (bi-linear), and the results in sections 9.4.3
and 9.4.4 will show that on-line identification of the transfer matrix is required for effective
vibration reduction even when the system properties are not changing (and only the disturbance
changes) during operation. A detailed explanation of this phenomenon is provided in section
9.4.4. The closed-loop adaptive control algorithm is simply the closed-loop scheme described in
the previous section with the controller gain, T (in Eqs. 9.7 and 9.15), updated using on-line
identification of the transfer matrix, T, (as described earlier in Section 9.2.4). The block diagram
for this closed-loop adaptive controller is shown in Fig. 9.5.

9.4 Effectiveness of semi-active controllers for vibration reduction
Numerical simulations are carried out to evaluate the effectiveness of semi-active controllers
(using either a controllable stiffness device or a controllable damper) for reducing force
transmitted to the support structure due to harmonic excitation. The system parameters used in
the simulations are given in Table 9.1. Without any semi-active input, Section 9.4.1 presents the
baseline vibration produced by passive isolation characteristics of the system.

Additional

vibration reduction achieved using open-loop, closed-loop, and closed-loop adaptive controllers
are presented in Section 9.4.2-9.4.4, respectively. The effect of change in excitation force on
controller performance is evaluated and compared for all types of controllers.
9.4.1 Baseline System
The baseline support force, Fs ( z o in the frequency domain), due to a disturbance force,
Fo sin(Ωt ) , is first calculated in the absence of any semi-active input (see Figs. 9.6). From Fig.
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9.6b, the amplitude of the support force is seen to be 41% of the excitation force, this attenuation
being due to the passive isolation characteristics of K o and C o in parallel. In the following
simulations, further reductions in the support vibrations due to semi-active modulation in
stiffness or damping are compared to this baseline vibration level (due to pure passive isolation).
9.4.2 Vibration reduction using open-loop controller
In this section, additional reductions in the vibration transmitted to the support are examined
when an open-loop control scheme is used with controllable stiffness device and controllable
damper.
9.4.2.1 Controllable stiffness device
The effectiveness of the open-loop controller for vibration reduction using controllable stiffness
device is evaluated in this section. The semi-active inputs are calculated using Eq. 9.7, which
specifies stiffness modulation required to minimize the support vibration at frequency Ω . The
first set of simulations used a penalty weighting of W1 = I (identity matrix), and W2 = 0. For the
mathematically optimal inputs determined directly from Eq. 9.7 (no “scaling down”), u 2Ωc =
1.8186 and u 2Ωs = -2.1271, Fig. 9.7 shows the frequency content of the steady state vibrations
transmitted to the support. Although the amplitude of the support force at the disturbance
frequency, Ω , is seen to be reduced to 9% of the excitation force amplitude (compared to 41% in
the absence of any stiffness modulations), a higher harmonic component at 3 Ω (with an
amplitude of 26% of the excitation force) is now observed. This, of course, is expected due to
the K1xu term as discussed in Section 9.2.3. From this perspective, some of the disturbance
energy can effectively be thought of as being transferred to higher harmonics. This may be
advantageous in certain conditions when it is important to avoid specific frequencies due to
resonances, or to exploit the improved effectiveness of viscous and viscoelastic damping
mechanisms at higher frequencies. However, it should be noted that the amplitude of the control
input, u 2Ω =

(u ) + (u )
2 Ωc 2

2 Ωs 2

, exceeds unity, so the condition on the maximum permissible

input, specified in Eq. 9.9, is violated.

For the system considered, it is clear that the

mathematically optimal control input, or stiffness variation, is not practically realizable. Since
the stiffness variations required are larger than those that can be physically achieved by
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modulations of the variable stiffness device, it implies that to achieve the levels of disturbance
rejection at Ω seen in Fig. 9.7, energy input would be actually required, and the system would
no longer be semi-active.

In the next set of simulations, the control inputs were “scaled down” (as described in Section
9.2.2), so that the stiffness variation inputs ( u 2Ωc = 0.6498 and u 2Ωs = -0.7601) never exceeded
the maximum permissible values.

In this case, Fig. 9.8 shows that the amplitude of the

transmitted force at the disturbance frequency, Ω , is 28% of the disturbance force amplitude.
Compared to a corresponding value of 41% in the absence of stiffness variation (recall Fig.
9.6b), this represents an additional 32% reduction in transmitted vibration over that achieved due
to the pure passive isolation characteristics. The amplitude of the higher harmonic component at
3 Ω is now 10% of the disturbance force amplitude.
Figure 9.9 shows the force transmitted to the support (both at the disturbance frequency, Ω , as
well as the higher harmonic component at 3 Ω ), corresponding to different amplitudes of control
input, u c . Vibration levels corresponding to control inputs greater than unity represent only a
mathematical solution not practically achievable by the variable stiffness device. In fact, for u c
> 1.43, the total stiffness would actually be negative over parts of the cycle. Since energy input
would be required to realize the solutions corresponding to u c ≥ 1 , this region has been marked
as “active” on Fig. 9.9.

Examining the support vibrations corresponding to different “semi-

active” stiffness variation inputs, it can be observed that as the control input increases, the
support force at the excitation frequency decreases linearly (producing up to an additional 32%
reduction over the passive isolation case for the present system), and the 3 Ω component
increases linearly. The control input levels were varied using two different methods – (i) the
“scaling down” approach; and (ii) using different values of the input penalty weighting, W2
(which produces an optimal solution).

Since the results produced by both methods were

identical, it is concluded that the “scaling down” approach, also, essentially provides optimal
inputs when considering physical limits in stiffness variation. Since scaling-down is simple and
convenient, it is used in all subsequent simulations.
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9.4.2.2 Controllable damper
This section presents vibration reduction achieved using an open-loop control scheme with
controllable damper for vibration reduction. The optimal damping variation determined using
Eq. 9.7 is u 2Ωc = -2.4527 and u 2Ωs = -2.1057. Since the required damping variation exceed
allowable limit (|u| > 1), input scaling is employed to adjust the semi-active input. With the
scaled down semi-active input, Fig. 9.10 shows the steady-state support force (both the Ω and
3 Ω components) corresponding to various level of semi-active damping variation inputs. As the
semi-active damping variation input increases, the support force at the excitation frequency
decreases linearly producing up to 29% reduction over the passive case. As expected the 3 Ω
component of the support force increases as the semi-active damping variation input increases.

The vibration reduction achieved using semi-active damping variation is comparable to that
obtained using semi-active stiffness variation (see Section 9.4.2.1). The achievable reduction is
roughly 30% over the passive case using maximum allowable stiffness and damping variations
presented in Eq. 9.8. For increasing semi-active authority, the achievable vibration reduction is
increased, and vice versa.
9.4.3 Vibration reduction using closed-loop controller
Benefits to using a closed-loop controller are expected when the disturbance changes during
operation. In this section, the performance of both open-loop as well as closed-loop controllers
are examined when the disturbance phase changes during the simulation. For the closed-loop
controller, the semi-active control inputs (stiffness or damping variations) are updated based on
Eqs. 9.15 and 9.16 at intervals of every two disturbance cycles. The change in disturbance
phase, φ , is introduced at t = 10π s, as described below:

 F sin(Ωt ) 0 ≤ t < 10π
F (t ) =  o
 Fo sin(Ωt + φ ) t ≥ 10π

(9.17)

The influence of this change in excitation force on performance of the closed-loop controller is
evaluated using both a controllable stiffness device and a controllable damper.
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9.4.3.1 Closed-loop controller with controllable stiffness device
This section examines effectiveness of the controllable stiffness device in reducing vibration
when there are changes in excitation force. For a phase change of φ = 45° (Eq. 9.17), Fig. 9.11
shows the time history of the excitation force, as well as the force transmitted to the support,
when the closed-loop controller is operational.

It is seen that even after the change in

disturbance phase occurs, the closed-loop controller is once again able to reduce the support
vibration levels, in a short duration. Figure 9.12 shows the amplitude of the support force at the
disturbance frequency, Ω , using both open- and closed-loop controllers. As expected the openloop controller is no longer effective in reducing vibration after the phase of excitation force
changes (since the control inputs, which are based only on the initial vibration levels, become
non-optimal after the phase of excitation force, and therefore the phase of the support vibrations,
changes). However, with the closed-loop controller, after a transition period, the vibration
transmitted to the support is once again reduced. When a phase change of φ = 90° is introduced,
Fig. 9.13 once again shows that the closed-loop controller performs better than the open-loop
controller. For the 45° change in phase angle, the closed-loop control inputs (stiffness variation)
are changed to u 2Ωc = -0.3097 and u 2Ωs = -0.9508, and the corresponding inputs for the 90°
phase change are u 2Ωc = -0.9265 and u 2Ωs = -0.3762. It should be noted that although the
closed-loop controller is more effective than the open-loop controller, the steady state vibration
levels transmitted to the support are not as low as those prior to change in disturbance phase (as
would have been expected if an active force-generator type actuator had been used).
Figure 9.14 shows the steady-state support vibrations at the disturbance frequency, Ω , as a
function of phase change (varying between -90° and 90°). It is observed that as the phase change
increases, the effectiveness of the open-loop control scheme is degraded significantly, to the
extent that the support vibration levels are larger than those for the uncontrolled case when the
phase change exceeds ±40°.

Performance degradation is also observed for the closed-loop

scheme, but is milder. The reason that the closed-loop controller is not able to track phase
changes perfectly (as would have been expected if an active force-generator type actuator) can be
explained as follows: For a pure active controller, the control force can be written as Au (where
A is some constant coefficient). When the disturbance phase changes during operation, the phase
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of the response and the support vibrations will correspondingly change, and since the input, u , is
based on the current support vibrations, its phase is appropriately adjusted and comparable
reductions in vibration are obtained. For the semi-active controller, the control force is K 1 xu .
Thus, when the closed-loop controller adjusts the input u proportional to the change in phase of
the response (and the support vibration levels), the bi-linear semi-active force generated, K 1 xu ,
is no longer simply proportional to this change in response phase. This suggests that an adaptive
controller (recalculating the system transfer matrix, T, online) may be required for the semiactive vibration reduction if the excitation force is likely to change during operation, even when
the system parameters are unchanged.
9.4.3.2 Closed-loop controller with controllable damper
The effectiveness of the controllable damper in reducing vibration is evaluated when the phase of
excitation force changes during simulation (Eq. 9.17).

Figure 9.15 shows the steady state

support force after the change in excitation phase, as a function of excitation phase change. The
results are very similar to those obtained for a controllable stiffness device. The performance of
the open-loop controller is again degraded considerably (the vibration is above passive level) for
phase changes over ±40°.

For the closed-loop control scheme, a mild degradation in

performance is observed when the phase changes between ±90°. The reason for the performance
deterioration presented in Section 9.4.3.1 is also applicable for the case of the controllable
damper. Once again, this suggests the necessity of using an adaptive control scheme when the
excitation force can change.

9.4.4 Closed-Loop Adaptive Control Scheme
The effectiveness of the closed-loop adaptive controller with controllable stiffness device is
evaluated in this section when the disturbance phase changes during operation.

Online

identification of the transfer matrix, T, using batch least square approach (Eq. 9.13) for initial
estimates and recursive least square identification (Eq. 9.14), for updates is carried out, as
described in section 9.2.4.

For the present simulations, updates of the transfer matrix (in the

recursive least squares approach) were carried out every four disturbance cycles.

The

disturbance phase changes as described in Eq. 9.17, except that it is introduced at t = 32π s
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(instead of 10π s). The first 24π seconds is used for batch least square identification of the T
matrix by inputting a sequence of small input signals, at the end of which period the controller is
switched on. Figures 9.16 and 9.17, respectively, show the variation of the support force
amplitude at the disturbance frequency, Ω , for disturbance phase changes of 45° and 90°. It is
seen from both figures that when the adaptive controller is operational, after a transition period,
the support vibration levels are reduced to those prior to the change in disturbance phase (unlike
the “non-adaptive” closed-loop controller that did not retain its effectiveness; recall Figs. 9.1113).
Figure 9.18 shows the steady-state support vibrations at the excitation frequency, Ω , as a
function of phase change (varying between -90° and 90°). It is observed that even as there is an
increase in disturbance phase change, unlike the open- and closed-loop controllers, the closedloop adaptive controller completely retains its effectiveness in reducing support vibrations.
Thus, for a semi-active (bi-linear) system, a closed-loop adaptive controller (continuous on-line
identification of system transfer matrix) is required even when there is only a disturbance
change, and not a “direct” change in system properties. Although, it could be said that for a nonlinear semi-active system, the “system”, as such, is dependent on the excitation, so a change in
the disturbance changes the system itself.
9.5 Summary of semi-active isolator
The results in this chapter demonstrated that the semi-active isolation system was effective in
reducing vibration of a single degree of freedom system. The vibration reduction controller
could be applied to use with both a controllable stiffness device and a controllable damper. The
effectiveness of open-loop, closed-loop, and adaptive controllers in reducing the transmitted
force was evaluated and compared.

The results of the study indicated that for physically

achievable stiffness and damping coefficient variations, the support force could be reduced by
about an additional 30%, beyond the levels due to the passive isolation characteristics (no
stiffness/damping variations), but higher harmonic loads were generated. When the phase of
excitation force changed during the simulation, the effectiveness of the open-loop controller
rapidly degraded.

While the closed-loop controller (with inputs based on current support

vibration levels) performed better, there was still some degradation in performance, and support
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vibrations were not reduced to levels prior to the phase change. The results showed that for the
semi-active isolation system to retain its effectiveness in rejecting disturbances, a closed-loop,
adaptive controller (with on-line system identification) is required; even when there is only a
change in disturbance, and no change in basic system properties.
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Figure 9.1: Schematics of single-degree-of-freedom system for vibration reduction using (a)
semi-active controllable stiffness device, and (b) controllable damper
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Parameter
m
Co/m
Ko/m
K1/ Ko
C1 / Co
Fo/m
Ω

Value
1
0.4
1
0.7
0.75
1
2 rad/s

Table 9.1: Numerical values of system parameters for single degree of freedom system

178

Chapter 10

Concluding Remarks and Recommendations

The results presented in this dissertation showed viability of using semi-active concepts for
helicopter vibration reduction. Semi-active devices, controllable stiffness devices or controllable
orifice dampers, were introduced; (i) in the blade root region (rotor-based concept) and (ii)
conceptually, between the rotor and the fuselage as semi-active isolators (in non-rotating frame).
The corresponding semi-active controllers for vibration reduction were also developed and
evaluated. This final chapter presents major concluding remarks from this dissertation and
recommendations for future work.
10.1 Concluding remarks
The initial phase of this research focused on examining whether hub vibration could be
influenced by modulating the stiffness of the blade in the root region. This sensitivity study was
conducted for a 4 bladed hingeless rotor helicopter in moderate- to high-speed flight. It was
observed that the hub vibration could be modified using specific harmonic variations in root
element stiffness (flap, lag, and torsion). With proper harmonics, amplitudes, and phase angles,
flap stiffness variation could produce significant reduction in vibratory hub pitching and rolling
moments and all vibratory hub forces, while lag stiffness variation could reduce vibratory hub
yawing moment and all vibratory hub forces considerably. Torsion stiffness variation, on the
other hand, could produce only modest reductions in vibratory hub vertical force. It was noted
that the stiffness variations could actually create vibration, instead of reducing it, if the amplitude
was larger than an optimal value. For a single harmonic stiffness variation input (even with
proper phase and amplitude), it could produce only vibration reduction in some components of
hub vibration, not all components simultaneously, and other components of hub vibration might
even increase. The vibration reductions were achieved by one of two mechanisms, (i) reduction
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in magnitude and (ii) change in relative phase, of blade root load components contributing to hub
vibrations.
Since the sensitivity study showed that single harmonic stiffness variation did not produce
simultaneous reduction in all components of vibratory hub loads, the effort shifted toward
introducing multi-harmonic stiffness variations to simultaneously reduce all vibratory hub loads.
To calculate the proper (optimal) multi-harmonic variation in root element stiffness, an optimal
semi-active control scheme was developed using gradient based and non-gradient based
optimizations. The effectiveness of this control scheme to calculate semi-active input (root
element stiffness variations) that could produce simultaneous reduction in all components of hub
vibration was evaluated. Using a multi-cyclic stiffness variation (2/rev and 3/rev for both flap
and lag stiffness variations), the developed control scheme could produce significant reduction in
all components of hub vibration, which resulted in a 90% reduction in hub vibration index.
Despite the effectiveness of this multi-cyclic stiffness variation of the root element, the only
practical way to realize it would be through the introduction of discrete controllable stiffness
devices in the blade root region.
The discrete controllable stiffness devices were introduced in the blade root region to modify
effective root stiffness of the blade for vibration reduction. These devices were mathematically
modeled using controllable springs (translational and rotational). Two separate spring models
were considered; (i) dual spring model and (ii) single spring model. The single spring model
could be used to represent the controllable stiffness devices more accurately than the dual spring
model, since the single spring model could reflect coupling effect between translational and
rotational springs.

The effectiveness of these discrete controllable stiffness devices was

examined using, first, the dual spring model. The multi-cyclic stiffness variations of the flap and
lag controllable stiffness devices (2/rev and 3/rev) could produce significant reduction in all
components of hub vibration (55-75%). Next, the single spring model was used to represent the
discrete controllable stiffness devices (free wake analysis was used to calculated rotor inflow in
this case). Significant reductions in vibratory hub forces were still achieved, although the
reduction in vibration index was smaller, because of the increased baseline hub vibrations
associated with the inclusion of the rotor wake. Additional results demonstrated that there were
no detrimental effects of the discrete controllable stiffness devices on lower harmonics of blade
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root loads, and the devices were effective in reducing hub vibration over a range of cruise speeds
and for variations in fundamental rotor properties.

Even though, the discrete controllable

stiffness devices were effective in reducing hub vibration, availability of the devices is limited
and the amount of stiffness variation might not be sufficient to produce satisfactory results. Thus,
an alternative was considered - using discrete controllable dampers, which were commonly
available and whose damping properties could be varied significantly.
The controllable flap and lag dampers were introduced in the blade root region for vibration
reduction. The effectiveness of the controllable dampers was examined in high-speed flights,
using rotor inflow calculated from free wake analysis. A reduced order controllable damper
model was developed and validated with a fluid dynamic model. The reduced order damper
model was then included in rotor blade analysis, and the damper force was determined using
damper mounting kinematics.

The inclusion of these dampers created multiple paths for

transferring loads to the rotor hub. However, direct contributions from damper loads were
canceled out. The effect of the dampers was to modify blade response and thus blade loads
(which were dependent on the blade response). Hub vibrations, particularly the vibratory hub
drag force and yawing moment, were reduced significantly using the controllable lag damper
(2/rev and 3/rev), and the addition of controllable flap damper could produce an additional 30%
reduction in hub vertical vibration. No detrimental effects on lower harmonics of blade response,
damper loads, and blade and flexbeam root loads were noted. In addition, the vibration reduction
was achieved over a range of forward speeds.
It was demonstrated so far that the semi-active devices (controllable stiffness devices or
controllable dampers) introduced in the rotor system were effective in reducing hub vibration.
As an alternative, these devices could be introduced in the fixed system, conceptually, between
the hub and the fuselage as semi-active isolators, that reduced vibratory loads transmitted to the
fuselage.
The effectiveness of the semi-active isolators was examined using a simplified single degree of
freedom isolation system. A lumped mass (representing the rotor under harmonic force
excitation) was supported by a spring and a parallel damper on a fixed support (representing the
fuselage). Properties of the spring or damper could then be controlled to reduce transmission of
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the vibratory force into the support structure (or fuselage). Variations in the properties (stiffness
or damping) of semi-active isolators were calculated using; (i) open loop, (ii) closed-loop, and
(iii) closed-loop adaptive control schemes. Using the semi-active isolation concept, the vibratory
support force could be reduced by 30%, beyond the levels achieved using passive isolation (no
stiffness/damping variations), but higher harmonic loads were generated. It was also shown that
a closed-loop adaptive control scheme was required to maintain isolation effectiveness if the
phase of excitation force was changed.
10.2 Recommendations for future work
Despite this comprehensive study on semi-active helicopter vibration reduction using
controllable stiffness and damping concepts, further investigation on these semi-active concepts
can be conducted. Suggestions for further investigation on these semi-active concepts are
described below;
The adaptive vibration reduction control scheme (developed for the semi-active isolation system)
can also be applied to the rotor-based semi-active vibration reduction concept. No modification
on the controller structure and its components is needed. The effectiveness of the adaptive
controller should be evaluated for various flight conditions, such as for different cruise speeds or
payloads.

The rotor-based semi-active concept should also be applied to articulated rotors. More vibration
reduction is possible since blade deformation (which produces semi-active force) in articulated
rotor blades is generally more than that in hingeless rotor blades. Similar semi-active devices
and controllers can also be used for the articulated rotors.
A comprehensive analysis of the semi-active isolator concept should be conducted using detailed
fuselage structure.

This will include the influence of fuselage dynamic response into

consideration. The effectiveness of the semi-active isolator should be examined for various
flight speeds, rotor RPM, payloads, and C.G. offsets. This future research is quite complicated,
since it involves detailed analysis of fuselage, which can be represented by a complex finite
element model (100,000 nodes or more). The semi-active isolation system may be designed as
an integrated unit to mount the rotor/transmission assembly to the fuselage.
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An improvement can be made to the adaptive controller for semi-active vibration reduction to
cope with possible variation in rotor RPM. A frequency identification scheme will be required in
this research to determine the frequency of the rotor. Once the rotor RPM is identified, it will be
used in the adaptive controller to produce harmonic inputs to the semi-active devices at
appropriate frequencies.
Before the semi-active vibration reduction concepts can be applied to any production helicopters,
stability and failure analysis of the semi-active vibration reduction systems must be conducted.
Stability of the vibration control system may be determined using for example Floquet theory. In
the event of any failure (such as, controller failure, power shortage, and jammed orifice valve), it
is crucial to evaluate whether the helicopter still can be operated safely.

Experimental verifications of these semi-active concepts are also necessary to reaffirm (or to
disprove) the effectiveness of the concepts. Experimental setup of semi-active isolator system is
simpler to build and evaluate, since it involves only single degree of freedom system with a
controllable damper or a controllable stiffness device. To show the effectiveness of the rotorbased semi-active vibration reduction system, it requires that the tests be conducted in a wind
tunnel.
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Appendix A

Loads on Helicopter Fuselage
A.1 Loads from fuselage
The fuselage itself can generate both inertial and aerodynamic loads on the helicopter. The
inertial contribution of fuselage load is only the weight of the helicopter, since the helicopter is
assumed to be in level flight for all instants (see Fig. 2.1). The aerodynamic contribution of
fuselage loads is given below as functions of advance ratio, µ:
Df =

γN f 2
µ
6 aσ A

Yf =

γN
C yf µ 2
6 aσ

M xf =

γN
C mxf µ 2
6 aσ

M yf =

γN
C myf µ 2
6 aσ

M zf =

γN
C mzf µ 2
6 aσ

(A.1)

f
is fuselage equivalent flat plat area (A is disk area, πR 2 ), C yf is fuselage side force
A
coefficient, C mxf is fuselage rolling moment coefficient, C myf is fuselage pitching moment

where,

coefficient, and C mzf is fuselage yawing moment coefficient.
A.2 Lift from horizontal tail
Lift produced by the horizontal tail is calculated using simple lifting line theory as follows;
Lht =

1
ρV 2 S ht a htα s
2

(A.2)

Where S ht , a ht , and V, are horizontal tail area, lift curve slope, and free stream velocity
respectively.

195

A.3 Thrust from tail rotor
Thrust produce by the tail rotor Ttr, can be calculated as follows;
Ttr =

N tr ρctr atr Rtr3 Ω tr2
4

 2

2 
θ tr  3 + µ tr  − λtr 

 


(A.3).

The tail rotor inflow, λtr, can be estimated by solving Eq. A.4, iteratively using Newton’s method
for nonlinear equations.

λtr =

N tr ctr a tr Ω tr2
8πRtr


 2

θ tr  + µ tr2  − λtr 



λtr2 + µ tr2   3
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(A.4)

Appendix B

Elemental Structural Matrices and Load Vector
B.1 Elemental structural mass matrix
The structural mass matrix of the ith element can be expressed as
 M vv
[M ]i = M wv
 M φv


where

M vw
M ww
M φw

M vφ 

M vφ 
M φφ 

(B.1)

[M vv ] = ∫01 mH T Hds
[M ww ] = ∫01 mH T Hds

[M φφ ] = ∫01 mk m 2 H ˆφ T H ˆφ ds
[M vφ ] = [M φv ]T = ∫01 me g sin θ 0 H T H φˆ ds
[M wφ ] = [M φw ]T = ∫01 me g cos θ 0 H T H φˆ ds

[M vw ] = [M wv ] = 0

 2s3 − 3s 2 + 1 

 3
2
l (s − 2s + s)
HT =  i
3
2 
 − 2s + 3s 
 l (s3 − s 2 ) 

 i
2s 2 − 3s + 1


T
H φˆ =  − 4s 2 + 4s 
 2s 2 − s 



B.2 Elemental structural stiffness matrix
The structural stiffness matrix of the ith element can be written as
 K vv
[K ]i = K wv
 K φv


K vw
K ww
K φw

K vφ 

K vφ 
K φφ 

(B.2)
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where

[K vv ] = ∫01 FA H ′ T H ′ds + ∫01 (EI y sin 2 θ 0 + EI z cos 2 θ 0 )H′′ T H ′′ds − ∫01 mΩ 2 H T Hds
[K ww ] = ∫01 FA H ′ T H′ds + ∫01 (EI z sin 2 θ 0 + EI y cos 2 θ 0 )H ′′ T H ′′ds

[K φφ ] = ∫01 mΩ 2 (k m 2 2 − k m12 )cos 2θ 0 H φˆ T H φˆ ds + ∫01 (GJ − EB1θ′0 2 )H′φˆ T H′φˆ ds
1

+ ∫0 EC1H ′φˆ′ H ′φˆ′ ds
T

[K vφ ] = [K φv ]T = ∫01 mΩ 2 e g sin θ 0 H T H φˆ ds − ∫01 xmΩ 2 e g sin θ 0 H′ T H φˆ ds
1

1

− ∫0 EB 2 θ′0 cos θ 0 H ′′ T H ′φˆ ds − ∫0 EC 2 sin θ 0 H ′′ T H ′φˆ′ ds

[K wφ ] = [K φw ]T = ∫01 xmΩ 2 e g cos θ 0 H′ T H φˆ ds
1

1

− ∫0 EB 2 θ′0 sin θ 0 H ′′ T H ′φˆ ds + ∫0 EC 2 cos θ 0 H ′′ T H ′φˆ′ ds

[K vw ] = [K wv ]T = ∫01 (EI z − EI y )sin θ 0 cos θ 0 H ′′ T H′′ds
1
FA = ∫x mxdξ
B.3 Elemental structural damping matrix
The structural damping matrix of the ith element is defined as
 C vv
[C]i = C wv
 C φv


where

C vw
C ww
C φw

C vφ 

C vφ 
C φφ 

(B.3)

[C vv ] = ∫01 2me g Ω cos θ 0 H ′ T Hds − ∫01 2me g Ω cos θ 0 H T H′ds
[C vw ] = −∫01 2mΩβ p H T Hds − ∫01 2me g Ω sin θ 0 H T H ′ds
[C wv ] = −[C vw ]
[C φφ ] = [C ww ] = [C φw ] = [C wφ ] = [C φv ] = [C vφ ] = 0

B.4 Elemental structural force vector
The structural load vector of the ith element is given as
 Fv 
{F}i = Fw 
F 
 φ

(B.4)
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where

{Fv } = ∫01 m(Ω 2 e g cos θ 0 + &θ& 0 e g sin θ 0 )H T ds − ∫01 mΩ 2 e g cos θ 0 xH′ T ds

[(

)

(

)

]

1
+ ∫0 EI z − EI y v ′′φˆ sin 2θ 0 − EI z − EI y w ′′φˆ cos 2θ 0 H ′′ T ds

(

)

(

)

& ′)dξ H T ds − ∫ 2 v′ ∫ mv& dξ H ′ T ds
+ ∫0 2m ∫0 (v′v& ′ + w ′w
0
x
1

x

1

1

{Fw } = − ∫01 m&θ& 0 e g cos θ 0 H T ds − ∫01 mΩ 2 e g sin θ 0 xH ′ T ds

[(

)

(

)

]

1
− ∫0 EI z − EI y w ′′φˆ sin 2θ 0 + EI z − EI y v ′′φˆ cos 2θ 0 H ′′ T ds
1

1

(

1

)

− ∫0 GJφˆ ′v ′′H ′ T ds − ∫0 2 w ′ ∫x mv& dξ H ′ T ds

{Fφ } = − ∫01mk m 2&θ&0 + mΩ2 (k m 22 − k m12 )sin θ0 cos θ0Hφˆ Tds
1
T
− ∫0 (EI z − EI y )w ′′2 sin θ0 cos θ0 + (EI z − EI y )v′′w ′′ cos 2θ0 H φˆ ds
1
1
T
T
+ ∫0 (EI z − EI y )v′′2 sin θ0 cos θ0 H φˆ ds − ∫0 GJw ′v′′H′φˆ ds
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Appendix C

Rotor Inflow Models
C.1 Linear inflow model
In this inflow model, the rotor inflow is assumed to vary as a function of radial location, x, and
azimuthal position, ψ, as

λ = λo + λ1c x cosψ + λ1s x sinψ

(C.1)

where

λo =

CT
2 λo + µ 2
2

+ µ tan α s

2

 λo  λo 
4
2
λ1c =
(1 − 1.8µ ) 1 +   − 
2
µ
2 λo + µ 2 3 
µ

CT
λ1s =
(− 2µ )
2
2 λo + µ 2

CT

C.2 Rotor inflow using free wake analysis
Using a free wake analysis, rotor inflow can be calculated more accurately since the rotor inflow
is dominated by the induced inflow from vortices released by the rotor blades. The vortices are
approximated using vortex lattice method. The rotor wake is modeled using two different parts;
near wake and far wake.

The near wake is represented by horseshoe vortex filaments to

approximate both trailed and bound vorticity. In the far wake portion (beyond some distance
behind the blade, usually around 30°), the trailed vortices are assumed to roll up to form a single
tip vortex, which is represented by a series of connected vortex elements. The geometry of the
vortex elements is changed due to complex interactions between all other vortex elements in the
rotor wake. Rotor induced inflow is then calculated using Biot-Savart Law (for a straight vortex
element with finite length). Details of this analysis can be found in Ref. [116].
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Appendix D

Elemental Aerodynamic Load Vector
The elemental aerodynamic load vector is described in this section. The formulation of the load
vector begins with calculation of blade sectional velocity. Sectional blade loads due to the
velocity are calculated using quasi-steady aerodynamic. Blade loads due to non-circulatory
effect are also included. The elemental aerodynamic load vector is obtained by integrating these
blade loads within the element.
D.1 Resultant incident velocity
Resultant velocity of a blade section can be summarized as

U R 
U x 
 
 
 U T  = TDU U y 
U 
U 
 P
 z
where

(

(D.1)

)

(

)

& ′ − v ′θ& 1 η r sin θ1 − Ω(v + η r cos θ1 )
U x = u& − v& ′ + w ′θ& 1 η r cos θ1 − w
− µΩR cos ψ
U y = v& − θ& 1η r sin θ1 + Ω(x + u − v′η r cos θ1 − w ′η r sin θ1 ) + µΩR sin ψ
& + θ& η cos θ + λΩR
U =w
z

1 r

1

θ1 = θ 0 + φˆ
& ′)dξ
u& = − ∫0 (v ′v& ′ + w ′w
x


1 − v2′ − w2′
v′

2
= − (v′ cos θ1 + w ′ sin θ1 ) 1 − v2′ cos θ1 − v′w ′ sin θ1
2
 v′ sin θ1 − w ′ cos θ1
− 1 − v2′ sin θ1 − v′w ′ cos θ1

2

TDU

2

(

(

)

)

w′
2
sin θ1 1 − w2′
2
cos θ1 1 − w2′

(
(







)
)

D.2 Blade sectional loads from circulatory effects
Blade aerodynamic loading due to circulatory effects is calculated using a quasi-steady
aerodynamic model. The aerodynamic loads are functions of blade velocity, and are described in
Eq. D.2.
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Lu 
Lu 

 
T
 L v  = TDU  L v 
L 
L w 
 w
 
where

(D.2a)

γ
doUR UT
6a
γ
Lv =
− d o U T2 + (d 1 + c o ) U T U P + (c1 + d 2 ) U 2P
6a
γ
Lw =
c o U T2 − (c1 + d o ) U T U P + d 1 U 2P
6a
γ c
M φˆ =
f o ( U T2 + U 2P ) − f1 U T U P − e d L w
6a R

Lu =

(
(

)

)

(

)

(D.2b)

D.3 Blade sectional loads from non-circulatory effects
The effect of non-circulatory airloads is incorporated into sectional blade loads as follow

LAu = L u

(D.3)

LAv = L v
LAw = L w + LNC
w
M φAˆ = M φˆ + M φNC
ˆ
where

LNC
w

γπ Rc  w
&&
− +
=

12a  R

M φNC
ˆ

c
4


+ e d &&
θ1 + ( x + µ sin ψ )θ& 1 
R


c
c
γπ Rc  4c + e d w
+ e d 2 &&
+ ed
&&
c 2 && 
4
2
&

) θ1 −
( x + µ sin ψ)θ1 −
=
−(
θ1
12a  R R
R
R
32R 2 

D.4 Elemental aerodynamic force vector
The aerodynamic load vector of the ith element is given as

{F }
A

i

where

FvA 
 
= FwA 
F A 
 φ 

(D.4)

{F }= ∫ L H ds
{F }= ∫ L H ds
{F } = ∫ M H ds
A
v

A
w

A
φ

1 A T
0 v
1 A
T
0 w
1
T
A
φ
φˆ
0

202

Appendix E

Blade Response Calculation
Rotor blade response is obtained using Finite Element in time method. The blade equations of
motion in modal space (Eq. 2.8) can also be written in a Hamiltonian form
2π

∫0

(

)

δp T M&p& + Cp& + Kp − F dψ = 0

(E.1)

In order to use the temporal Finite Element method, Eq. E.1 are integrated by parts to yield blade
equations in first order form as

∫0

T

2π

T

− Cp& − Kp + F
δp  Mp& 
dψ =    
  
Mp&
δp&   0  0
δp&  


2 π δp 

(E.2)

The right hand side of the above equation is zero due to the periodicity condition of the response,
p& (2π) = p& (0) . Then Eq. E.2 can be rewritten as
2π

∫0

δy T Q( y)dψ = 0

(E.3)

− Cp& − Kp + F
p 
where y =   and Q( y) = 
.
Mp&
p& 



Using the Finite Element in time method, one revolution of the azimuth position, ψ, is
discretized into a number of time elements (see Fig. 2.4). Eq. E.3 then can be represented by
summation over a number of time elements, Nt, as
Nt

ψ j +1

j=1

j

∑ ∫ψ

δy Tj Q j dψ = 0

(E.4)

To determine the blade response, a first order Taylor series expansion of Eq. E.4 is performed
with the result presented in Eq. E.5.
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Nt

ψ j+1

j=1

j

∑ ∫ψ

Nt

ψ j +1

δy Tj Q j ( y o + ∆y)dψ = ∑

∫ψ

j=1

 ∂F
−K
where Tj =  ∂p

 0

j

δy Tj (Q j ( y o ) + T j ( y o )∆y)dψ = 0

(E.5)


∂F
− C
. Within the jth time element, the modal response, p, is expressed
∂p&

M  j

in term of time shape functions, Ht, and temporal nodal response vector, ξ, as
p j = Htξ j

where Ht =

(E.6).

32 3 t 4 − 80 3 t 3 + 70 3 t 2 − 25 3 t + 1
 −128 4 228 3 208 2

 3 t + 3 t − 3 t + 16 t 


4
3
2
 64 t − 128t + 76 t − 12 t 
 −128 t 4 + 224 t 3 − 112 t 2 + 16 t 
3
3
3 
 3
 32 3 t 4 − 16 t 3 + 22 3 t 2 − t 

T

for a five node element shown in Fig. 2.4

This also yields
y j = Φtξ j

(E.7)

H 
where Φ t =  & t  . Using this transformation, Eq. E.5 can be rewritten as
H t 
Nt

ψ j+1

j=1

j

∑ ∫ψ

δξ Tj Φ Tt (Q j + Tj Φ t ∆ξ j )dψ = 0

(E.8)

For arbitrary δξ, the integrand must be zero and the blade equations are presented as
Q + T∆ξ = 0
Nt

where Q = ∑

j=1

ψ j +1

∫ψ

j

(E.9)
Φ Tt Q j dψ

Nt

, T=∑

j=1

ψ j +1

∫ψ

j

Φ Tt Tj Φ t dψ

Nj

, and ∆ξ = ∑ ∆ξ j . Eq. E.9, which is a
j=1

simple algebraic equation, can be easily solved for the required changes in the nodal response
vector, ∆ξ, such that the nodal response, ξ, satisfies the blade equation of motion Eq. 2.8. The
nodal response vector is updated using Eq. E.10.
ξnew = ξold + 0.5∆ξ

(E.10)

Using the new set of nodal response, ξnew, Eq. E.9 is updated and solved again. The process is
repeated until the nodal response converges, or ∆ξ is closed to zero.
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Appendix F

Vehicle Trim Calculation
The vehicle pitch control settings and vehicle orientations or vehicle trim can be obtained
through vehicle equilibrium relations, since the sum of forces and moments in Eq. (2.1) must
equal zero or

F =0

(F.1)



where F = FxH FyH FzH MxH M yH MzH



T

, and F is a function of the vehicle trim setting,

T

η = α s φs θ o θ1c θ1s θtr  . To determine the vehicle trim that satisfies equilibrium, a first
order Taylor series expansion of F is obtained with the result presented in Eq. F.2.

F (η o + ∆η ) = F (η o ) + ∆η

∂F (η )
=0
∂η η =ηo

(F.2)

 ∂ F (η)


 , is
where ηo is the initial guess of vehicle trim. The trim jacobian matrix, J =
 ∂η η=η 
o 


calculated using numerical perturbation method. The required correction in vehicle trim, ∆η, can
be obtained easily by solving algebraic Eq. F.3
−1

 ∂F (η )

∆η = − 
 F (η o )
 ∂η η =ηo 

(F.3)

The vehicle trim is updated using the correction as

ηoNEW = ηo + 0.5∆η

(F.4)

Using the new set of vehicle trim, ηoNEW , Eq. F.3 is updated and solved again. The procedure
repeats until vehicle equilibrium is satisfied or ∆η is close to zero.
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Appendix G

Fluid Dynamic Model of Controllable Damper
The fluid dynamic based model is developed using incompressible flow through small orifice
opening [107]. Differential equations governing the pressures developed in each chamber of the
damper are summarized below:

dP1
dt

dP2
dt

[ ]

1


2
2 P1 − P2
2 ( P1 − P2 )
&
−
−
sgn( P1 − P2 )
A
u
k
A
δ
k
A
 p
ρ
ρ
pri
pri
con con

=

P1 Af  Ap Af Ap 

+
 L1 − u +


β
K
K a 

1
a 
1


2
2 P1 − P2
2 ( P1 − P2 )
sgn( P1 − P2 )
( Ar − Ap )u& + k pri Apriδ ρ + kcon Acon ρ

=
( Ap − Ar )( L2 − u )

[

]

[

(G.1)

[ ]

]

(G.2)

β2
where Ap is the piston area, Ar is the rod area, Af is the accumulator piston area (see Fig. 2.16),
K a is the equivalent accumulator stiffness, and β is the fluid bulk modulus (the value of which is

dependent on the fluid pressure and thus varies in the two chambers).

Apri and Acon are the

primary and controllable orifice areas, k pri and kcon are the primary and controllable orifice
discharge coefficients, δ is a dimensional correction constant, and ρ is the mean fluid density. u&
is the piston velocity, and L1 and L2 are the chamber lengths (which depend on piston position,

u ).
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Appendix H

Helicopter and Rotor Properties

Main Rotor Properties

Rotor Blade Properties

Tail Rotor Properties

Horizontal Tail
Properties
Fuselage Properties

Number of blades
Lock number, γ
Solidity ratio,σ
Rotational speed, Ω
C T /σ
Blade radius, R
Blade chord, c/R
Mass per unit length, mo
Flap bending stiffness EIy/moΩ2R4
Lag bending stiffness EIz/moΩ2R4
Torsional stiffness GJ/moΩ2R4
Lift curve slope, a
Skin friction drag coefficient, Cd0
Induced drag coefficient, Cd2
Pitching moment coefficient, Cm
Flap natural frequencies
Lag natural frequencies
Torsion natural frequencies
Number of blades, Ntr
Tail rotor radius, Rtr
Solidity ratio, σtr
Rotor speed, Ωtr
Lift curve slope, atr
Tail rotor location, (xtr/R, ztr/R)
Horizontal tail area, Sht/πR2
Horizontal tail lift curve slope, aht
Horizontal tail location, xht/R
C.G. location, (xcg, ycg)
Hub location, h/R
Net weight, W

Table H.1: Rotor and fuselage properties
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4
6.34
0.1
40.1234 rad/s
0.07
16.2 ft.
0.08
0.135 slug/ft
0.008345
0.023198
0.003822
5.73
0.0095
0.2
0.0
1.147, 3.399/rev
0.750, 4.364/rev
4.590, 13.595/rev
4
3.24 ft.
0.15
5Ω
6.0
(1.2, 0.2)
0.011
6.0
0.95
(0, 0)
0.2
5800 Lbs.

Appendix I

Convergence Study: Numbers of Finite Elements and Modal Representation
The introduction of discrete controllable stiffness (damping) devices near the blade root raises
questions about the required finite element discretization along the span, and the number of
modes required to represent the blade. Since it is possible that a finer finite element mesh may
be required, especially in the root region, or a larger number of modes may be required in the
modal transformation; a convergence study is conducted. The convergence study is conducted
using the same blade configuration as the one implemented in Chapter 7 (discrete controllable
stiffness device study).
I.1 Number of finite elements along the blade span
A nominal number of five equal spanwise finite elements is used to capture the elastic flapbending, lag-bending, and torsion deformations of the blade (Fig. 2.2), with the discrete devices
connected between the two innermost elements (at around 20% span).

Variation in blade

frequencies (up to 20/rev) and the corresponding mode shapes is examined when increasing
numbers of spanwise elements are used (as shown in Figs. I.1a – I.1d), with a finer concentration
of elements near the root region where the discrete devices are attached. The variation in blade
natural frequencies with increasing numbers of elements is shown in Fig. I.2. From the figure it
is seen that starting with a nominal five spanwise elements, and going up to 19 spanwise
elements, the first ten modal frequencies (up to 20/rev) are virtually unchanged. Figures I.3, I.4,
and I.5, respectively, show the flap, lag, and torsion mode shapes, when increasing numbers of
spanwise elements are used. From the figures it is seen that when an increasing number of
elements is used, the first four flap, the first four lag, and the first two torsion mode shapes show
little variation. From the above results, it is concluded that five spanwise finite elements (30
degrees of freedom – 10 flap bending, 10 lag bending, and 10 torsion) are sufficient to capture
the lowest ten modes (up to 20/rev); and even in the presence of discrete devices in the blade root
region, increasing the number of elements does not improve accuracy of modal frequencies or
mode shapes. Consequently, a total of five spanwise elements can be used to model the blade.
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I.2 Number of blade modes in modal transformation
In helicopter aeroelastic analyses it is common to transform the blade finite element equations of
motion to a few modal equations, to calculate the blade periodic response in forward flight in a
computationally efficient manner. The number of modes used in the transformation, however,
has to be sufficient to accurately capture the hub vibrations. In the present study, even greater
care is required since the discrete devices are cyclically changing their stiffness or damping
coefficients around the azimuth, and it is not known, a priori, how many modes would be
required to accurately predict the hub vibrations. This section examines the effect of using
increasing numbers of flap, lag, and torsion modes on the vibratory hub load predictions.
Simulations are carried out at an advance ratio of 0.35, and the Drees inflow model is used to
obtain rotor inflow. Although it is recognized that this could lead to under-prediction in hub
vibration levels, the emphasis in this section is to establish the number of modes required to
predict hub vibrations with cyclic stiffness variations of discrete devices, rather than predicting
the “correct” vibration levels using a more sophisticated aerodynamic model.

Using, nominally, 2 flap, 2 lag, and 2 torsion modes (along with the Drees inflow model, at an
advance ratio of 0.35), optimal 2/rev and 3/rev stiffness variations of the flap device, 2/rev and
3/rev stiffness variations of the lag device, and 3/rev and 4/rev stiffness variations of the torsion
device were first determined (see Table I.1). The baseline vibration levels (no cyclic stiffness
variations), and the reduced vibration levels obtained when using the flap device, lag device, or
torsion device (with inputs in Table I.1) were also recorded (see Table I.2). Next, for the optimal
2/rev and 3/rev stiffness variations of the flap device, the hub vibration levels were calculated
using increasing number of flap modes (inputs were held constant, not recalculated for increasing
number of modes), and these results are shown in Fig. I.6. The figure clearly indicates that for a
given optimal cyclic stiffness variation of the flap device, when the number of flap modes is
greater than four, no change in any component of the predicted 4/rev vibratory hub loads is
observed. This process was then repeated using optimal stiffness variations of the lag device and
progressively increasing the number of lag modes; and using optimal stiffness variations of the
torsion device and progressively increasing the number of torsion modes (results are presented in
Figs I.7 and I.8, respectively). Examining the effects of increasing number of lag and torsion
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modes on predicted 4/rev hub vibrations suggests that 4 lag modes and 2 torsion modes are
sufficient for hub vibration prediction in the presence of the discrete controllable springs. The
conclusion of this modal convergence study was that 4 flap modes, 4 lag modes, and 2 torsion
modes were required to predict the 4/rev hub vibration levels, when the discrete controllable
stiffness devices are introduced. These are the number of modes used in the vibration reduction
studies in Chapter 7 (discrete controllable stiffness device study). Also, the same number of
modes can be used in Chapter 8, since discrete controllable damping devices are introduced in a
similar manner as the discrete controllable stiffness devices here.
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Device attachment node

(a) 5 elements

(b) 7 elements

(c) 11 elements

(d) 19 elements

Figure I.1: Rotor blade finite element discretization used in the convergence study

25

4th Lag

Natural Frequency (/rev)

20

Flap modes
Lag modes
Torsion modes
15

2nd Torsion
4th Flap
3rd Lag

10

3rd Flap
1st Torsion

5

2nd Flap
1st Flap

0
5

7

9

11

13

15

17

2nd Lag
1st Lag
19

21

Total Number of Blade Finite Elements
Figure I.2: Blade rotating natural frequencies for increasing number of finite elements
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Figure I.3: Blade flap mode shapes for increasing number of finite elements
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Figure I.4: Blade lag mode shapes for increasing number of finite elements
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Figure I.5: Blade torsional mode shapes for increasing number of finite elements
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Figure I.6: Variation in 4/rev vibratory hub load predictions with increasing number of flap
modes, when a 2,3/rev flap stiffness variation is used (Drees inflow, µ = 0.35)
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Figure I.7: Variation in 4/rev vibratory hub load predictions with increasing number of lag
modes, when a 2,3/rev lag stiffness variation is used (Drees inflow, µ = 0.35)
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Figure I.8: Variation in 4/rev vibratory hub load predictions with increasing number of torsion
modes, when a 3,4/rev torsion stiffness variation is used (Drees inflow, µ = 0.35)

214

Input
Flap device
stiffness
variation
Lag device
stiffness
variation
Torsion device
stiffness
variation

Amplitude

Phase

2/rev

∆Kw = 29.3% K w

143.6°

3/rev

∆Kw = 68.3% K w

36.9°

2/rev

∆Kv = 25.1% K v

-74.4°

3/rev

∆Kv = 49.8% K v

-167.1°

3/rev

∆Kφ = 48.1% K φ

-8.3°

4/rev

∆Kφ = 42.0% K φ

134.9°

Table I.1: Optimal stiffness variations predicted using 2 flap, 2 lag, and 2 torsion modes
(Drees inflow, µ = 0.35)

Hub loads*#

No Stiffness
Variation

Fx4p
Fy4p
Fz4p
Mx4p
My4p
Mz4p

2.06
2.08
1.23
10.52
11.26
10.52

With 2, 3/rev
flap stiffness
variation
1.43
1.31
0.002
2.46
0.91
7.92

With 2, 3/rev
lag stiffness
variation
1.79
1.65
0.12
10.33
10.41
12.34

With 3, 4/rev
torsion stiffness
variation
2.06
2.07
1.21
10.51
11.22
10.46

Table I.2: 4/rev vibratory hub loads (predicted using 2 flap, 2 lag, and 2 torsion modes), with and
without stiffness variations (Drees inflow, µ = 0.35)

*

All forces are % of Fz0 (6042 lbs.), all moments are % of Mz0 (6556 ft-lbs.)
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